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Het is een cliché, maar ik weet nog als de dag van vandaag hoe mijn eerste
werkdag aan het labo voor elektrische energie techniek (EELAB) meer dan vier
jaar geleden begon. Ik had om 9u afgesproken met mijn promotoren. Dat was toen
nog in de oude gebouwen van het technicum. De leszalen stonden vol met oude
opengeslepen motoren, en de geur deed iedereen er denken aan fasordiagrammen,
vectorsturingen en draaiveldvorming. Met een kop koffie bespraken we hoe het
onderzoek van start kon gaan, en welke literatuur ik zeker eerst moest verwerken.
Ik keek er op naar de doctoraatsstudenten, mijn lesgevers, en hoeveel zij wel niet
wisten. Intussen ben ik zelf meer dan vier jaar lesgever en onderzoeker geweest.
Gedurende deze tijd aan EELAB heb ik de kans gekregen om ongelooflijk veel
te leren. Veel van de zaken die toen complex leken, zijn nu vanzelfsprekend
geworden. Langs de andere kant zijn er ook heel veel vragen bijgekomen. De
te kennen stof heeft zich in principe uitgebreid van een aantal stevige cursussen
in dit vak domein, naar de literatuur en kennis beschikbaar over de hele wereld.
Ik heb het geluk gehad een heel kleine bijdrage te kunnen leveren aan deze
technologische kennis d.m.v. dit doctoraatsonderzoek. Dit heb ik echter niet alleen
gedaan. Vandaar dat ik van de gelegenheid zou willen gebruik maken om een
aantal mensen te bedanken.
Eerst en vooral zou ik daarbij mijn promotoren prof. dr. ir. Peter Sergeant en
prof. dr. ir. Frederik De Belie wensen te bedanken voor het mogelijk maken van dit
doktoraatsonderzoek. Bedankt om mij de nodige onderzoeksvrijheid te gunnen,
maar toch steeds beschikbaar te zijn voor vragen en advies. Ook bedankt voor het
grondig nalezen van de vele papers, master thesissen, en dit doctoraat. Ik kreeg
de mogelijkheid om me meer dan vier jaar lang toe te wijden aan het onderwerp
dat me altijd al het meest aansprak: elektrische aandrijftechniek. Bovendien
kreeg ik de kans, de tijd, en het budget om een mooie testopstelling te bouwen,
wat me in staat stelde alle bevindingen experimenteel te valideren. Wat voor mij
echter het meest waardevol is, is de kennis en ervaring die ik aan dit labo kon
opdoen. Ik hoop dan ook dat jullie die energie blijven behouden om doktoraatsstu-
denten als ik de nodige kennis bij te brengen, en om het onderzoek naar meer
efficiënte en performante aandrijvingen te blijven voeren. Ik ben ervan overtuigd










Hetzelfde zou ik willen toeschrijven aan mijn collega en bureaugenoot dr. ir. Hen-
drik Vansompel. Bedankt om me ongelooflijk veel bij te brengen. Ik blijf het
indrukwekkend vinden waar jij alle kennis, van aandrijftechniek tot vermogense-
lektronica blijft halen. We hebben samen uren doorgebracht in het labo om de
EVT aan de praat te krijgen, de CAN communicatie met de Rineharts in orde te
krijgen, de Sinamics te bekabelen en te programmeren, EMC problemen op te
lossen, FEM modellen op te stellen,... Bedankt hiervoor!
Tijdens mijn doctoraat had ik ook het geluk te mogen samenwerken met het
Nederlandse bedrijf Electric Variable Transmission BV. Het gebruik van het EVT
prototype heeft mijn doctoraat enorm vooruit geholpen. Meer nog, het vormt de
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Verder zou ik graag ook alle juryleden willen bedanken voor hun tijd. Ik begrijp
dat het nalezen van een doctoraatsthesis heel wat werk met zich meebrengt. Ik
zou dan ook mijn appreciatie willen uitdrukken voor het zorgvuldig nalezen en
beoordelen van dit proefschrift.
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In drive trains, a prime mover delivers power to a load, e.g. an internal combus-
tion engine powering the wheels in automotive applications. Since the speed and
torque range of this prime mover is limited, a transmission system is needed, con-
verting the power to another torque and speed at the load side. Moreover, if the
transmission is continuously variable, the prime mover can be driven in an operat-
ing point along the requested power curve where its efficiency is maximized. An
interesting kind of transmissions are the so-called power split transmissions. As
the name states, the input power is transferred by means of two different power
paths. In order to split the power, and/or to rejoin the power paths afterward, often
a mechanical planetary gear is used. In the majority of this kind of transmissions,
part of the power is transferred in a direct mechanical way. This path has a very
high efficiency, but does not allow much flexibility, i.e. either the torque or speed is
fixed to the torque or speed of the prime mover. In order to have a variable torque
and speed at the output shaft, the remainder of the power is transferred by a so-
called variator. This power is a function of the torque (and thus speed) difference
between input and output shaft. Examples of mechanical variators are the push-
belt and toroidal variators. Within the hydraulic type, the hydrostatic variator is the
most well-known type, consisting of the back-to-back configuration of a hydraulic
pump and motor. Finally, a back-to-back configuration of an electrical generator
and motor forms an electrical variator. The latter type is especially interesting,
because a storage device (mostly a battery) can be connected between the electri-
cal generator and motor. This topology is often used in hybrid electrical vehicles,
resulting in a series-parallel configuration. Anyhow, most systems on the market
today, consist of a series of off-the-shelf components, working together as power
split transmission. A first improvement could be to develop a dedicated power split
transmission system, resulting in a single compact device between prime mover
and load. A second improvement could be to eliminate the use of mechanical
transmissions, often seen as the most vulnerable and maintenance requiring part
of the transmission. An electrical variable transmission could be the result. This
power split transmission can be seen as a single electrical machine, but having be-
sides a stator, two concentric rotors. These rotors form the input and output shaft
of the transmission. Both the stator and inner rotor contain three-phase windings.










outer rotor, different topologies exist in literature. In this dissertation, a combi-
nation of permanent magnets and a dc-field winding is being used, resulting in a
hybrid excitation. Also, in contrast to other EVT systems in literature, the outer
rotor has been chosen relatively thin. As a result, the stator, outer and inner rotor
are magnetically coupled, resulting in one single compact machine. When using an
EVT as power split transmission, the input power from a prime mover is partially
transferred in an electromagnetic way, while the remaining part is transferred in an
electrical way, and can be exchanged with a battery. The electromagnetic power
fraction forms the direct high efficiency path, and is the result of electromagnetic
torque between both rotors. In order to decouple the torque and speed of the out-
put (outer rotor) shaft, from the torque and speed at the input (inner rotor) side,
a variable electrical path is present as well. To convert this electrical power, two
inverters are included in this path. It can be shown that the inner rotor inverter
power is proportional to the speed difference between both rotors, while the stator
inverter power is proportional to the torque difference between both rotors.
In order to model such kind of machine, the classic machine theory can be ex-
tended and applied to a double rotor machine for which the rotors and stator are
magnetically coupled. Both the stator and inner rotor can be modeled as having two
equivalent windings, whereas in the outer rotor, one dc-field winding is present.
For a hybrid excited EVT, the resulting model consists of a system of five coupled
differential equations, where the coupling is also due to the magnetic coupling of
the different components. For this machine, if no currents are present, the magnets
are the only sources of mmf. Due to the specific design of the outer rotor, contain-
ing besides the dc-field winding also a so-called flux bridge, the magnetic field of
the magnets links almost completely with the inner rotor, but links only partially
with the stator. The stator is thus inherently field-weakened. A low flux linkage
hereby limits the iron losses in the stator, and decreases the inverter sizing. In order
to increase the stator flux linkage at high stator torque, the dc-field winding can be
used. This current component has almost no influence on the inner rotor, were the
flux linkage remains constantly high, so that the prime mover torque can be trans-
mitted in an efficient way. The challenging part about this kind of transmissions is
that the torque on both rotors needs to be controlled independently. For a hybrid
excited EVT, both torque components are in fact a function of five independent
current components, being the stator q- and d-axis currents, the dc-field current,
and the inner rotor q- and d-axis current. Infinitely many combinations of currents
yield the same torque on both rotors. This redundancy can exploited to select the
most optimal current combination. This specific set of currents yields the required
torque on both rotors, while minimizing the copper and iron losses in the machine.
It can be shown that for an EVT with hybrid excitation, the losses show two local
optima in the d-axis (stator, outer and inner rotor) current space. These optima are
called the low and high flux optima, referring to the corresponding magnetization
of the stator. Depending on the required torque, the optima change location in










magnetic torque, the global optimum switches between the low and high flux local
optima. The speeds of both rotors determine the location of these optima as well,
as a consequence of iron losses in stator and inner rotor.
In order to predict and identify these losses in an EVT machine, a loss model
can be constructed based on conventional techniques for electrical machines, but
with special attention to the speed difference between both rotors. The stator iron
loss for instance is a function of the outer rotor speed, but the inner rotor iron
losses depend on the speed difference between both rotors. The same is true for
the mechanical friction losses in the bearings. By combining different no-load
measurements, at different speed and different speed differences, the effect of the
bearing friction on the no-load measurements can be eliminated. To this end, the
iron losses can be identified, and iron loss parameters can be fitted on the machine
itself, rather than on Epstein frame measurements. Besides these no-load losses,
copper losses are the dominant loss term at high torque. Also, it can be seen for
the prototype machine, that due to current ripple, the iron losses in the machine are
higher under load, than could be expected from the no-load measurements. Based
on different measurements on this machine, it has been concluded that the extra
PWM induced iron loss is approximately a linear function of the dc-bus voltage.
However, compared to the converted power by this EVT, the total loss is relatively
small. Efficiency measurements show power split efficiencies over 95% in a large
area of operating points. This high efficiency means that the prototype hybrid
excited EVT could be a potentially very interesting power split transmission device
for various applications.
One of its most important applications, is the use of an EVT as power split
transmission in a series parallel hybrid electric vehicle. During the low power New
European Driving Cycle, the EVT shows a measured positive state of charge at the
end of the cycle. During the measurements, exactly the same torques and speeds
were applied as for the 2004 Toyota Prius over the same cycle. From this, it is
concluded that the prototype EVT is at least as efficient as the 2004 Toyota Prius
system over the NEDC. Also, the power ratings of this EVT are higher, whereas
the system volumes are identical. A second important applications is the use of
an EVT as continuously variable transmission with electrical power take-off. The
input power is split into an electromagnetic and electrical path. Without power
take-off, the fraction of the total power converted electrically, is ideally a linear
function of the outer rotor speed, decreasing towards synchronisation of both ro-
tors. Measurements show that the prototype EVT has comparable efficiencies as
the toroidal continuously variable transmission. Compared to the belt continu-
ously variable transmission, the prototype EVT shows an efficiency which is more
than 10 percentage point higher over the entire measurement region. An EVT has
the additional advantage that no additional clutch or torque converter is required.
Moreover, it has inherent overload protection, fast dynamics and high overload
capability.










with the possibility of exchanging electrical energy with a storage device. It is
dedicated in the sense that it consists of one single and compact device between
the prime mover and the load. It works in an electromagnetic way, so that mechan-
ical contact between input and output shaft is eliminated. By extending known
techniques for electrical machines, electromagnetic models and loss models can
be constructed for this type of machines. By optimally controlling the five current
components of a hybrid excited EVT, the torque on both rotors can be indepen-
dently controlled, while minimizing the losses in the machine. With this control
algorithm implemented, a prototype 120 kW hybrid excited EVT hereby shows
power-split efficiencies over 95% in a wide operating range. Both theoretical and
experimental analysis shows that this prototype machine could be an interesting
competitor for the hybrid drive train in a current series-parallel hybrid vehicle, or











In aandrijflijnen drijft een aandrijfaggregaat een last aan, bijvoorbeeld een ver-
brandingsmotor de wielen van een voertuig. Omdat zowel het koppel als het snel-
heidsbereik van dit aggregaat beperkt zijn, wordt vaak een tussenliggende trans-
missie gebruikt die het vermogen omvormt naar een ander koppel en snelheid.
Als deze transmissie bovendien continu variabel is, kan het aandrijfaggregaat wor-
den bedreven in een werkingspunt langs de gevraagde vermogenscurve waar het
rendement maximaal is. Een interessante klasse van dergelijke transmissies zijn
de zgn. power split transmissies. Zoals de naam aangeeft, wordt het vermogen
d.m.v. twee verschillende paden omgevormd. Om dit vermogen op te splitsen in
de verschillende paden, of om het vermogen nadien terug samen te voegen, wordt
vaak gebruik gemaakt van een mechanisch planetair tandwielstelsel. Bij de meeste
transmissies bestaat één van deze paden uit een direct mechanisch pad, bijvoor-
beeld d.m.v. een starre as. Dit pad heeft een hoog rendement, maar laat niet
veel flexibiliteit toe, in de zin dat ofwel het koppel, ofwel de snelheid rechtstreeks
verband houdt met het koppel of de snelheid van het aandrijfaggregaat. Om aan
de uitgang van de transmissie een variabel koppel en snelheid te bekomen, wordt
daarom de rest van het vermogen overgedragen via een zgn. variator. Voorbeelden
van mechanische variatoren, zijn de duwband en toroı̈dale variatoren. Bij de hy-
draulische systemen bestaat de meest bekende variator uit de aaneenschakeling van
een hydraulische pomp en een hydraulische motor. Tot slot kan de aaneenschake-
ling van een elektrische motor en een elektrische generator gezien worden als een
elektrische variator. Bij dit laatste systeem kan ook nog energieopslag, vaak on-
der de vorm van een batterij, worden toegevoegd. Daarom wordt deze topologie
gebruikt in hybride voertuigen, wat resulteert in een zgn. serie-parallelle hybride.
Het blijkt dus dat de meeste systemen die momenteel op de markt zijn, zijn opge-
bouwd uit een aantal standaard componenten, die samenwerken tot een power split
transmissie. Een mogelijke verbetering bestaat er in deze reeks componenten te
vervangen door één enkele, daartoe ontworpen transmissie. Een tweede mogelijke
verbetering bestaat er in het gebruik van mechanische tandwielen te vermijden,
daar deze vaak beschreven worden als de meest kwetsbare onderdelen van de trans-
missie. Een mogelijke oplossing hiervoor is het gebruik van een elektrisch vari-
abele transmissie (EVT). Deze power split transmissie is eigenlijk een elektrische










toren. Deze twee rotoren vormen de ingang en uitgang van de transmissie. Zowel
de stator als de binnenste rotor van dit systeem zijn voorzien van een driefasig
symmetrische wikkeling. Om de binnenste rotor van vermogen te voorzien, is
deze uitgerust met een set sleepringen. Voor de buitenste rotor zijn in de liter-
atuur verschillende topologieën te vinden. In dit proefschrift wordt een buitenste
rotor beschouwd, die naast permanente magneten ook een dc veldwikkeling bezit,
wat dus resulteert in een hybride bekrachtiging. Ook wordt, in tegenstelling tot
de meeste topologieën in de literatuur, de buitenste rotor relatief dun uitgevoerd.
Als gevolg hiervan zijn de stator, binnenste en buitenste rotor van de machine op
magnetische manier met elkaar verbonden, wat resulteert in één enkele compacte
machine. Wanneer deze machine als power split transmissie wordt gebruikt, wordt
een deel van het vermogen overgebracht op elektromagnetische manier, terwijl de
rest van het vermogen op een elektrische manier wordt omgevormd, en kan worden
uitgewisseld met een batterij. Het elektromagnetische gedeelte van het vermogen
vormt het directe pad met hoog rendement. Dit vermogen is evenredig met het
koppel op de binnenste rotor (afkomstig van het aandrijfaggregaat) en de buitenste
rotor snelheid (van de last). De rest van het vermogen verlaat de binnenste rotor op
een elektrische manier. Dit vermogen wordt dan, vermeerderd of verminderd met
vermogen van een eventuele batterij, overgedragen op de statorwindingen, waar
het op elektromagnetische manier ook op de buitenste rotor wordt overgedragen.
De buitenste rotor kan hierbij aan een snelheid draaien die onafhankelijk is van de
snelheid van de binnenste rotor. Ook het koppel van de buitenste rotor kan, bin-
nen bepaalde limieten, worden gecontroleerd onafhankelijk van het koppel op de
binnenste rotor. Om een elektromagnetisch model op te stellen voor een dergelijke
transmissie, kan worden gebruik gemaakt van de klassieke machinetheorie. Deze
theorie kan hiertoe worden uitgebreid om toepasbaar te zijn op een elektrische ma-
chine met twee concentrische rotoren, die elektromagnetisch met elkaar gekoppeld
zijn. Zowel voor de stator als de binnenste rotor kan worden gebruik gemaakt van
een equivalente tweefasige wikkeling, terwijl op de buitenste rotor één dc veld-
wikkeling aanwezig is. Dit resulteert voor de variant met hybride bekrachtiging in
een stelsel van vijf gekoppelde differentiaalvergelijkingen, waarvan de koppeling
o.a. te wijten is aan de fysische magnetische koppeling van de verschillende onder-
delen. Als geen stromen aanwezig zijn in deze machine, zijn de magneten de enige
bron van magnetisch veld. Door het specifieke ontwerp van de buitenste rotor,
bestaande uit een veldwikkeling en een fluxbrug, koppelt dit magnetisch veld quasi
volledig met de binnenste rotor, maar slechts gedeeltelijk met de stator. Een lage
fluxkoppeling beperkt er de ijzerverliezen en zorgt voor een kleinere invertor. Om
de statorflux bij hoge koppelvraag te verhogen, kan worden gebruik gemaakt van
de veldwikkeling op de buitenste rotor. Deze veldstroom heeft aan de andere kant
bijna geen invloed op de binnenste rotor, waardoor de magnetisatie te allen tijde
hoog blijft. Eén van de uitdagingen aan een dergelijke transmissie is dat het elektro-
magnetische koppel op beide rotoren dient geregeld te worden, onafhankelijk van










feite een niet-lineaire functie van de vijf onafhankelijke stroomcomponenten in de
machine. Oneindig veel combinaties van deze stroomcomponenten geven aanleid-
ing tot hetzelfde koppel op beide rotoren. Deze redundantie kan worden gebruikt,
om van alle stroom combinaties, de meest efficiënte te selecteren, waardoor de
som van de koper- en ijzerverliezen in de machine wordt geminimaliseerd. Er kan
worden aangetoond dat er voor een dergelijke machine met hybride bekrachtig-
ing, steeds twee lokale optima zijn wat de verliezen betreft. Deze worden het
lage fluxoptimum en hoge fluxoptimum genoemd, verwijzend naar de bijhorende
magnetisatie van de stator. Afhankelijk van de wenswaarde van de koppels, ver-
plaatsen deze optima zich in de stroomruimte. Naargelang het koppel op stator
en binnenste rotor, is één van beide optima gelijk aan het globale optimum. Ook
de snelheid van beide rotoren heeft een invloed op deze optima, te wijten aan de
ijzerverliezen in de machine. Om deze verliezen in een EVT te kunnen voorspellen
en identificeren, is een verliesmodel opgesteld, gebruik makende van de conven-
tionele technieken voor elektrische machines. Er dient evenwel extra aandacht te
worden besteed aan de verschilsnelheid tussen beide rotoren. Het statorijzerver-
lies is bijvoorbeeld wel een functie van de snelheid van de buitenste rotor, maar
de ijzerverliezen in de binnenste rotor hangen af van de verschilsnelheid tussen
beide rotoren. Het zelfde verhaal kan worden toegepast op de mechanische ver-
liezen in de lagering. Door verschillende metingen, bij verschillende snelheden en
verschilsnelheden met elkaar te combineren, kan het effect van de lagerverliezen
op de nullastmetingen worden geëlimineerd. Op deze manier kunnen de ijzer-
verliezen bij nullast worden opgemeten, en kunnen ijzerverliesparameters hieraan
worden gefit, in plaats van aan metingen op een Esptein frame. Onder belasting
zijn vooral de koperverliezen dominant. Er werd evenwel ook opgemerkt dat bij
het prototype, de ijzerverliezen onder belasting hoger liggen, dan wat kan worden
voorspeld op basis van de nullastmetingen. Baserende op verschillende metingen
kan worden geconcludeerd dat deze zgn. PWM geı̈nduceerde ijzerverliezen een
(lineaire) functie zijn van de dc-bus spanning van de invertoren. Desalniettemin
zijn de verliezen in deze machine, in vergelijking met het omgevormde vermogen,
eerder laag. Rendementsmetingen tonen een efficiëntie van het prototype boven de
95% over grote werkingsgebieden. Dit hoge rendement toont dat de onderzochte
EVT een potentieel interessante transmissie is voor verschillende toepassingen.
Eén van de belangrijkste toepassingen, is het gebruik van een EVT als power split
transmissie in een serie-parallel hybride voertuig. Getest over de Europese rij-
cyclus NEDC, wordt bij het prototype een netto positieve batterijlading gemeten.
Hierbij werden exact dezelfde koppels en snelheden opgedrongen, die de Toyota
Prius, versie 2004, benodigde over deze cyclus. Het blijkt dat deze EVT een gelijk-
aardig rendement heeft over deze cyclus als dit laatste systeem. Bovendien heeft
deze EVT een hoger nominaal vermogen, terwijl het ingenomen volume identiek
is. Een tweede belangrijke toepassing is het gebruik van een EVT als continu vari-
abele transmissie met mogelijkheid tot vermogensaftakking. Metingen tonen aan










continu variabele transmissie. In vergelijking met de duwband continu variabele
transmissie heeft deze EVT zelfs een rendement dat 10 procentpunt hoger ligt over
het volledige meetbereik. Bovendien heeft een EVT geen nood aan een koppeling
of koppel omvormer omdat ook stilstand van de buitenste rotor mogelijk is, bij een
roterende binnenste rotor.
Samengevat is een EVT een speciaal daartoe ontworpen elektromagnetische
power split transmissie. De machine bestaat uit één enkel compact toestel tussen
beide assen. Door het elektromagnetische werkingsprincipe worden mechanische
contacten tussen de assen vermeden. Door bestaande modelleringstechnieken voor
elektrische machines uit te breiden naar machines met een dubbele rotor, kunnen
elektromagnetische modellen en verliesmodellen worden ontworpen. Door de vijf
stroomcomponenten van een EVT met hybride bekrachtiging optimaal met elkaar
te combineren, kan het koppel op beide rotoren onafhankelijk van elkaar worden
gecontroleerd. Bovendien worden de verliezen in de machine op deze manier gem-
inimaliseerd. Met deze controle strategie bereikt een prototype EVT, met een nom-
inaal vermogen van 120 kW, een rendement van meer dan 95% in een breed werk-
ingsgebied. Zowel theoretisch als experimenteel onderzoek toont aan dat dit proto-
type een interessante concurrent is voor de huidige aandrijflijnen in hybride voer-
tuigen. Ook kan deze EVT een mogelijke vervanger vormen voor de mechanische













In this chapter the electrical variable transmission with hybrid excitation is intro-
duced. After explaining the most important parts of its topology, its operating prin-
ciple is explained based on idealized power flow equations. Also, the objectives of
this dissertation and its outline are presented.
1.1 The Electrical Variable Transmission
An electrical variable transmission (EVT) is an electromagnetic power split trans-
mission, having two mechanical and two electrical ports. As will be described into
detail in the next chapter 2, a power split transmission converts mechanical input
power from a prime mover by means of two different paths. An EVT transfers
mechanical power from an input shaft to the output shaft by means of an electric
and an electromagnetic path. To this end two electrical ports are present as well.
These ports can be used to exchange electrical power with a storage device, e.g. a
battery, as well. As a result, one of the main applications of an EVT is its use as
series parallel power split transmission in hybrid electric vehicles. To the author’s
knowledge, the first notice of an electrical variable transmission is the patent [1]
from Porsche in 1909. The machine, called power transmission, was designed and
built for hybrid vehicle applications, and consists of the concentric arrangement of
two dc machines. Also in another patent [2] from Hefel in 1935 two dc-machines
are being used. Later on, other types of EVTs can be found as well, as will be
described in chapter 2. An important example is an EVT consisting of a single
squirrel-cage outer rotor, which has been patented in [3] by Rodenhuis in 2001. In













Figure 1.1: EVT with hybrid excitation, exploded view.
high iron losses and a large stator inverter requirement at high speeds. This end,
a dual cage EVT has been proposed by Hoeijmakers in 2006 [4], which enables
stator flux weakening, and also facilitates the mechanical design of the outer rotor.
For automotive applications however, the torque density of the squirrel-cage EVT
seemed too low. Therefor, in 2015, the same author patented in [5] an EVT based
on permanent magnets, but having still the possibility of stator flux weakening. To
this end, the outer rotor also possess a so-called flux bridge and dc-field winding.
The presence of the latter winding makes the machine hybridly excited, i.e. both
permanent magnets and a dc-field winding are used to produce the magnetic field
in the machine. Due to the use of permanent magnets, higher torque densities can
be obtained. Due to the hybrid excitation, the stator magnetic field can be modu-
lated, and the flux can be weakened if desired. The main part of this thesis will be
devoted to this EVT topology.
1.2 Topology
Topologically, an EVT can be seen as an electrical machine consisting of a stator
and two concentric rotors, as schematically shown in Fig. 1.1.
The two rotors are called the inner rotor and outer rotor respectively. As the
stator, the inner rotor contains a, usually three phase symmetrical, winding. Its
shaft forms the first mechanical port of the transmission. The outer rotor on the
other hand can consist of different lay-outs, depending on the type of EVT, as will
be explained in chapter 2. For the EVT investigated in this dissertation, an outer
rotor containing both an array of permanent magnets (PMs) and a dc-field winding
is being used. The permanent magnets are mounted on the inside of the outer rotor,
while the dc-field winding can be found on the outside. The outer rotor forms the
second mechanical port of the system. A cross-sectional view of one electrical pole
of the prototype machine is shown in Fig. 1.2.





























Figure 1.2: EVT with hybrid excitation; cross-sectional view.
ner rotor each contain a three-phase winding, forming the two electrical ports of
the system. Both electrical ports are connected to an inverter, both of which are
connected back-to-back. To provide the rotating rotor with power, a slip ring unit
is being used. The specific geometry of the outer rotor contains, as already men-
tioned, both permanent magnets and a dc-field winding, as highlighted in the figure.
The area of iron underneath the dc-field winding is called the flux bridge in this dis-
sertation. Its width and material properties play an important role in the magnetic
field distribution in the machine, as will be discussed into detail in chapter 3.
1.3 Operating Principle
An EVT can be used in different applications as power split transmission. One of
the applications, is its use in a hybrid electric vehicle (HEV), as is schematically
shown in Fig. 1.3. In the figure, the inner rotor is mechanically connected to the
internal combustion engine (ICE), while the outer rotor is connected to the final
drive to the wheels. Both the stator and inner rotor inverters are connected back-
to-back to a common battery system.
In a hybrid vehicle, the ICE is to be decoupled from the wheels in terms of
torque and speed. This way the ICE can be driven in an optimal efficiency point,
while on the wheel side a variable torque can be provided at varying speed. To

























Figure 1.3: Schematic of an EVT used in an HEV.
inner rotor-outer rotor combination, i.e. first ignore the presence of the stator [6].
Suppose the ICE is driving the inner rotor with a torque Tin at a speed Ωin. In
steady state the net torque on the inner rotor is zero. Besides the mechanical torque
provided by the ICE, also an electromagnetic torque Tr1 acts upon the inner rotor.
This torque is the result of the electromagnetic interaction between the currents
through the inner rotor windings and the magnetic flux linked with the inner rotor
windings. It thus follows in steady-state that Tin = −Tr1. By action-reaction, the
magnitude of the electromagnetic torque Tr1 on the inner rotor equals the mag-
nitude of the electromagnetic torque Tr2 on the outer rotor (if the stator is not
present). Their sign however is opposite, so that Tr2 = −Tr1. From the previous,
it can be concluded that the torque of the internal combustion engine is transmitted
to the wheels:
Tr2 = Tin (1.1)
However, the speed of the internal combustion engine Ωin = Ωr1 can be different
from the outer rotor speed Ωr2. With the inner rotor - outer rotor combination, the
torque of the ICE can be transmitted to the wheels, while both rotors of the EVT can
rotate at different speed. This already partially decouples the ICE from the wheels.
However, without the stator, the torque on both rotors of the EVT is always equal.
To be able to change the wheel torque with respect to the ICE torque, also a stator
is provided. By sending currents through the stator, an electromagnetic torque Ts
acts upon the stator. This torque is the result of the electromagnetic interaction









1.4 Ideal Power Flow Equations 5
windings. Since the sum of the torque on stator, inner rotor and outer rotor needs
to be zero, the outer rotor torque is given by:
Tr2 = − (Tr1 + Ts) = Tin − Ts (1.2)
whereas, in steady state, the inner rotor electromagnetic torque Tr1 is still in equi-
librium with the ICE torque Tin. From (1.2) it can be seen that the torque on the
outer rotor shaft (wheel shaft) can be controlled independently of the torque pro-
duced by the internal combustion engine. In other words, the stator torque Ts fills
the gap between the required wheel torque and the provided engine torque. Note
that as a result of the power difference between input and output shaft, power is ex-
changed with a battery as well. This is done by means of two inverters, as described
in the next section.
















Figure 1.4: Definition and sign convention for different power paths within an EVT.
In the previous, the operating principle of an EVT is explained based on torque
and speed on both rotors. Based on idealized power flow equations, in which all
losses are ignored1, the power split functionality of the EVT can be seen. The
product of torque and speed of the inner rotor shaft equals the mechanical power
Pm,r1 = Tr1Ωr1 = −TinΩin produced by the EVT inner rotor. Note that if the
inner rotor is driven by a prime mover, such as an ICE, this power term is negative
(generator mode). The mechanical power produced by the EVT outer rotor equals
Pm,r2 = Tr2Ωr2. In order to understand how this power is transferred between the
different EVT parts, different control volumes can be considered. From the power
balance for the control volume surrounding the entire EVT, and while neglecting









6 The Electrical Variable Transmission with Hybrid Excitation
losses, the power Pbat transferred from the battery to the EVT system equals the
sum of both mechanical powers:
Pbat = Pm,r1 + Pm,r2 (1.3)
This power flow is shared by the inner rotor and stator inverter, providing electrical
power Pel,r1 and Pel,s to the corresponding windings:
Pbat = Pel,r1 + Pel,s (1.4)
Since the outer rotor torque equals the (negative) sum of the electromagnetic torque
on stator and inner rotor according to (1.2), the outer rotor mechanical power Pm,r2
can also be written as:





In chapter 5 it will be shown that the electromagnetic torque on a winding, multi-
plied by the synchronous speed of the magnetic field, equals the electromagnetic
power that transfers the air gap. In this dissertation this is called field power or air
gap power Pa. The outer rotor mechanical power thus equals the sum of the air
gap power Pa,r1 from inner rotor to outer rotor, and the air gap power Pa,s from
stator to outer rotor. If all losses are ignored, the stator air gap power Pa,s equals
the electrical power Pel,s from the dc-bus to stator, so that:
Pel,s = −TsΩr2 = (Tr2 + Tr1) Ωr2 = (Tr2 − Tin) Ωr2 (1.6)
where (1.2) has been used. The electrical power converted by the stator inverter is
thus proportional to the rotational speed of the outer rotor, and the electromagnetic
torque on the stator. The later is equal to the difference between the torque on the
outer rotor and the torque provided by the prime mover. If on the other hand the
control volume of the inner rotor is considered, the electrical power is converted
to both mechanical power Pm,r1 = Tr1Ωr1 and inner rotor air gap power Pa,r1 =
−Tr1Ωr2, so that:
Pel,r1 = −Tr1 (Ωr2 − Ωr1) (1.7)
From (1.7) it can be concluded that the electrical power Pel,r1 converted by the
inner rotor inverter is proportional to both the inner rotor electromagnetic torque,
and the difference in speed between both rotors. The sum of (1.6) and (1.7) finally,
indeed equals the sum of the mechanical powers Pm,r1 + Pm,r2 which also equals
the battery power according to (1.3).
The power flow equations can be summarized in a graphical way as well. This
tool is useful to qualitatively understand the sign and magnitude of the different


























Pel,r1 > 0Pel,r1 < 0
Figure 1.5: Power flow as function of torque and speed at inner and outer rotor.
and outer rotor. In Fig. 1.5 the four outer rotor mechanical quadrants are shown,
i.e. the outer rotor speed Ωr2 on the horizontal axis, and the outer rotor torque Tr2
on the vertical axis. Also shown in the figure, is the mechanical operating point
related to the inner rotor. If an ICE is used as prime mover, this point can vary in
the first quadrant only2. This specific operating point determines the sign of the
inner rotor electrical power Pel,r1, the stator electrical power Pel,s, and the battery
power Pbat. If the outer rotor speed is lower than the inner rotor speed, the inner
rotor electrical power is negative, and the other way around, according to (1.7).
The vertical line Ωr2 = Ωr1 thus divides the figure in two regions, depending on
the sign of the inner rotor electrical power. The further the outer rotor operating
point is located from this line, the higher the magnitude of this electrical power
flow. Note that this power is particularly high if both rotors rotate in the opposite
direction. In an analog way, the horizontal line Tr2 = Tr1 divides the plane of
Fig. 1.5 in two parts depending on the sign of the stator electrical power Pel,s.
The further the outer rotor operating point is located from this line, the higher the
magnitude of this stator electrical power flow. Note that this power is, according
to (1.6), also proportional to the sign and magnitude of the outer rotor rotational
speed. Finally, also the line corresponding to zero battery power Pbat is shown,
given by Tr2 = −Ωr1Ωr2Tr1. In the area above this line, the battery power is positive
(power flow from battery to the EVT). The further the outer rotor operating point
is located from this line, the higher the magnitude of the battery power.









8 The Electrical Variable Transmission with Hybrid Excitation
1.5 Prototype EVT with Hybrid Excitation
In this dissertation, most of the calculations, as well as all experimental results,
are based on one specific prototype EVT. This machine was designed and built for
automotive applications by the Dutch company Electric Variable Transmission BV,
and has been patented in [5]. Some machine parameters can be found in table 1.1.
The dimensions of the prototype are chosen as such, to be space compatible with
the hybrid synergy drive that can be found in the Toyota Prius. This latter system
is shortly explained in subsection 2.3.3. The EVT power ratings are based on
some measurements performed by TNO, a Dutch organization for applied scientific
research. The 75kW rated input power has been measured at 5200 rpm input speed.
This corresponds to a torque of 137Nm, which is considered the rated inner rotor
torque. As will be explained in chapter 4, this torque corresponds to an inner rotor
current of about 150A. For the outer rotor a rated power of 120 kW is given. This
corresponds to an outer rotor torque of 382 Nm, rotating at 3000 rpm. According
to (1.2) this torque is the sum of the inner rotor and stator electromagnetic torque.
With the inner rotor torque equal to its rated value of 137 Nm, this corresponds to a
stator torque of 265 Nm. The latter corresponds to a stator current of about 245 A,
and a dc-field current of 4.6 A, as is given in the table. Also some geometrical and
winding parameters are given.
During the research period of this dissertation, a new experimental setup has
stator outer rotor inner rotor
rated mechanical power [kW] - 120 75
rated current amplitude [A] 265 4.6 (DC) 150
max speed [r/min] - 6000 6000
continuous torque [Nm] 245 382 137
number of slots N 48 - 48
number of pole pairs Np 4 4 4
outer radius [mm] 175 123.5 102
inner radius [mm] 124.5 103 57
PM thickness [mm] - 5 -
active axial length lax [mm] 87 87 87
measured dc-resistance R at
20◦C [Ω]
0.0193 12.73 0.0219
number of slots 48 8 48
number of slots per pole and per
phase q
2 1 2
number of windings in series per
phase and per pole pare w
12 240 10









































































Figure 1.7: Schematic of experimental Setup.
been build for this prototype machine. A picture of the current setup at the Elec-
trical Energy Laboratory (EELAB) of the Department of Electrical Energy, Met-
als, Mechanical Constructions and Systems (EEMMeCS) of UGent can be seen in
Fig. 1.6. The setup has been fitted with new inverters, build in the lab. An im-
proved torque controller has been developed, as explained in chapter 4. Based on
set values of the torque, this controller calculates the optimal set of stator, inner
and outer rotor currents to be applied to the machine. These currents are controlled
using the two inverters, and a current regulated dc-power supply. To this end, a PI
current control is being used. Also, accurate torque sensors have been fitted to the
setup, together with a power analyzer and a dc-bus current measurement to be able
to perform accurate loss and efficiency measurements in chapter 5. A schematic of









10 The Electrical Variable Transmission with Hybrid Excitation
1.6 Scientific Objectives
In order to investigate the possible use of an EVT as power split transmission,
the results of the research performed on an EVT with hybrid excitation have been
given in this thesis. The dissertation has three main objectives, which are mainly
the subject of chapters 3 - 5.
• Development of electromagnetic modeling tools for EVT systems, with the
focus on an EVT with hybrid excitation.
• Development of a control algorithm, independently controlling the electro-
magnetic torque on both rotors of an EVT, while minimizing the copper and
iron losses in the machine.
• Evaluating the efficiency of an EVT, and determining the origin of the most
important loss components.
1.7 Outline
In the first two chapters, the reader is introduced in the world of (electromagnetic)
power split transmissions. First, the electrical variable transmission is introduced
this chapter 1. Its topology is given, and its operating principle is shown based on
idealized power flow equations. Although very basic physical laws are used, the
resulting set of equations already gives a thorough understanding on the operating
principle of an EVT.
Next, there is the need to situate the EVT, which is an electromagnetic power split
transmission, with respect to other power split transmissions. To this end, a pos-
sible classification for power split transmissions is made in chapter 2. For a set of
important transmission systems in literature, the operating principle is shown, and
the most important conclusions from literature are given. Also, as was done for
the EVT in chapter 1, the basic power flow equations are shown and graphically
represented.
With the EVT introduced, and situated with respect to other transmissions systems,
the first objective is tackled in chapter 3. In the chapter, the classic machine the-
ory is extended to be used on a double rotor machine. The resulting equations
model the relationship between voltage, current and flux linkage with the differ-
ent windings within an EVT. Due to the specific geometry of an EVT, having two
magnetically coupled rotors, and due to the hybrid excitation in the outer rotor,
these flux linkages are multidimensional non-linear functions of the different cur-
rent components in the machine. These relations are explained and experimentally
verified. Also the effect of the different current components on the electromagnetic
torque is shown.
In the next chapter 4, the inverse problem is tackled. For a given torque set point
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currents is calculated. This set of currents yields the required torque on both rotors
of the machine, while minimizing the sum of copper and iron losses.
These losses are further elaborated in chapter 5, being the third and last main ob-
jective of this dissertation. It is shown how a fast and accurate loss model for an
EVT can be constructed. In order to evaluate these models, different parameters
are needed. It is shown how these values can be extracted from no-load measure-
ments on an EVT. In contrast to conventional electrical machines, an EVT has more
degrees of freedom, which can be exploited to measure the different loss contribu-
tions separately. To this end, measurements of both torque and speed sensors in
different operating points are combined. The loss models are experimentally ver-
ified under load as well, and a set of efficiency maps are calculated and measured
on the prototype EVT.
Since an EVT is a power split transmission, it could replace all transmission sys-
tems presented chapter 2 within its torque, speed and power limits. In chapter 6
two example applications for an EVT are considered. In the first part of the chap-
ter, the EVT is compared against the Toyota Prius system on the New European
Driving Cycle. In the second section, the EVT is used as shaft-to-shaft continu-
ously variable transmission, and compared against a mechanical belt and toroidal
continuously variable transmission.
Finally, in chapter 7 the main conclusions of this dissertation are summarized, and
some ideas and recommendations for further research at the lab are given.
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tive Control of Electrical Drives and Power Electronics (SLED/PRECEDE),
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Some of the work, described in the journal and conference papers above, has
been implemented in this dissertation as well. The link between the chapters of
this dissertation and the papers in the preceding lists has been given in table 1.2.
Note that the work in this dissertation covers more topics than is published in the
different papers together. Also, the work in this dissertation is presented more into
detail than is done in the papers.
chapter 1 2 3 4 5 6 7
paper 4 3 2 1,5,8
Table 1.2: Link between the chapters in this dissertation and published papers
Other papers, such as 6, 9, 10, 11 and 12 describe research about an induction
machine based EVT. These are not implemented in this dissertation, since the focus
is on an EVT with hybrid excitation.
1.9 Conclusion
In this chapter the electrical variable transmission is introduced. The machine can
be seen as an electrical machine having two concentric rotors. Both the stator and
inner rotor contain a three-phase winding, while on the outer rotor permanent mag-
nets in combination with a dc-field winding can be found. Its operating principle is
explained based on idealized power flow equations. It is shown that the inner rotor
electrical power accounts for and is proportional to the speed difference between
both rotors of the transmission. The stator electrical power on the other hand is
proportional to the difference between the prime mover torque at the inner rotor
and the torque to the load at the outer rotor. In order to perform measurements,
an experimental setup is present in the lab, with a rated output power of 120 kW.






















As shown in chapter 1, an EVT is a type of power split transmission. The input
power is split in an electromagnetic and an electrical path, depending on the torque
and speed at the input and output shaft. Next to the EVT, many other power split
transmissions exist on the market or are being investigated at research institutions.
In order to put the EVT of this dissertation in perspective to other systems, a clas-
sification of the most important power split transmissions in literature is made.
This classification mainly focuses on electromagnetic power split transmissions,
but also some aspects of more classical mechanical systems are given. Finally,
some important examples are shown in which the power flow is elaborated into
detail, and the most important conclusions from literature are given.
2.1 Classification for Power Split Transmissions
A continuously variable transmission (CVT) transfers mechanical power from an
input shaft to an output shaft. The operating point of torque and speed of the prime
mover at the input shaft can, within certain limitations, be chosen independently
from the torque and speed at the output side, as long as the input power equals
the output power and the losses within the transmission1. A classification of the
majority of the existing CVT systems is shown in Fig. 2.1. In this section 2.1, an
overview is given based on the figure. Further sections will tackle the different
types of transmissions into further detail. According to [7] there are three pos-
sible configurations for CVT transmissions, depending on the power flow within
the system. This can be seen in Fig. 2.1, and it is also schematically illustrated in
Fig. 2.2. First, there is the non power-split transmission or shaft-to-shaft transmis-
1Note that if a geared neutral is possible (i.e. output shaft is at standstill, while input shaft is









16 Power Split Transmission Systems
CVT
shaft-to-shaft mixed type/ multi-mode
power split transmission
electro-
based on mechanical planetary gear(s)
mechanical- hydro- electro-
magnetic gear
PM Outer Squirrel-Cage Other TypesHybrid
other
without mechanical planetary gears




with additionalwith additional One concentric



















output coupled compound coupledinput coupled
(subsection 2.2.2) (subsection 2.2.1)









2.1 Classification for Power Split Transmissions 17
sion. A variator hereby converts all the power from input to output shaft. In [7],
mechanical and hydraulical variators are mentioned, but also electrical variators
are for instance possible. Examples of mechanical variators are the push-belt and
toroidal variators. Within the hydraulic type, the hydrostatic variator is the most
well-known consisting of the back-to-back configuration of a hydraulic pump and
motor. Finally, a back-to-back configuration of an electrical generator and motor
forms an electrical variator. The latter system is for instance used in diesel-electric
transmission systems [8–10] or series hybrid vehicles [11].
The main disadvantage of this type of transmission however is that all compo-
nents of the variator need to be rated for the full power. Also, the overall system
efficiency is expected to be lower due to losses in the variator. To overcome these
issues, another type of transmission can be used in which the power is split in two
parts and rejoined afterward. In these power split transmissions, the variator con-
verts only a fraction of the power increasing the system efficiency and lowering the
variator power ratings [12].
Finally, the mixed-flow type should be mentioned, in which the power flow is
controlled by means of clutches and brakes. These transmissions have a shiftable
combination of different modes [7]. In some operating points for instance, this
transmission operates as a shaft-to-shaft CVT transmission, while in other operat-
ing points other power paths can be engaged, resulting in a power split transmis-
sion. Referring to the different modes, also the term multi-mode transmission can
be found in literature [13, 14].
In this chapter, focus is placed on the (single-mode) power-split transmission,
since an EVT can be found within this type of transmission systems. As already
mentioned, in a power split transmission only part of the power is converted by
the variator, while the remaining part is converted by a direct (uncontrolled), high
efficient path [15]. In the classification of Fig. 2.1, a distinction is made based on
whether or not a mechanical planetary gear is used. This kind of gear is used in
many classical power split transmissions, and its operating principle is briefly con-
sidered in Appendix A. The types of power split transmissions using a mechanical
planetary gear can further be subdivided based on the type of variator used, i.e.
mechanical, hydraulical or electrical. Finally, based on the connection of the three
shafts of the planetary gear with the remaining parts of the power split transmission,
these kind of transmissions can also be split into output-coupled, input-coupled and
compound-split transmissions, as will be explained in subsections 2.2.1 and 2.2.2.
This classification was for instance given in [16], and was further used by other
authors, for instance in [12, 17, 18]. It determines the power flow within the trans-
mission as function of the output-input speed ratio as is explained in section 2.3.
A well-known example of a hydro-mechanical output coupled power split trans-
mission using a mechanical planetary gear, is the hydrostatic transmission from
Fendt, given in subsection 2.3.1. An input coupled variant is shown in 2.3.2. The
most famous output-coupled electro-mechanical power split transmission using a
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Variator






prime mover Node with two or three axes
Clutch or brake
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Figure 2.2: Types of CVTs with respect to power flow.
section 2.3.3.
Next to these classical power split transmissions (PSTs) a lot of authors present
transmission systems in which the power is transferred from input to output shaft
without mechanical planetary gear, i.e. while avoiding mechanical contacts inher-
ently present in mechanical systems. Arguments that can be found in literature
against mechanical systems are for instance the high maintenance requirements.
These systems transmit torque based on mechanical contacts, inducing slip and
friction. This requires lubrication and possibly the need for traction fluid. Also,
the vibrations from the prime mover are transmitted to the output shaft, while over-
load at the output shaft is inevitably transmitted to the prime mover. If mechanical
contact is avoid, as is the case for electromagnetic power split transmissions, over-
load protection and vibration damping are inherently present. A high efficiency
can be expected, as will be shown for the examples given below.
In literature, two main types of electromagnetic PSTs can be found, referring
to Fig. 2.1. One type is based on the magnetic equivalent of a mechanical planetary
gear, of which the operating principle is explained in Appendix B. The mechanical
gear is thus simply replaced by its magnetic equivalent. Also, in this system, an
electrical variator is used, instead of a hydraulic one. Mostly however, part of the









2.2 Power Flow in a Power Split Transmission 19
netic gear, leaving one additional electrical machine, as shown in subsections 2.5.1
and 2.5.2. This is why the corresponding block in Fig. 2.1 has been given the name
’with additional electrical machine’, i.e. since one of the two electrical machines
has been integrated in the magnetic gear. If also the second electrical machine
is concentrically integrated in the design, a PST as illustrated in subsection 2.5.3
results, and is denoted by the block ’one concentric machine’ in the classification.
Other electromagnetic power split transmissions are based on a dual rotor
machine. The latter can be seen as a conventional electrical machine for which
the stator has been made rotating. This results in an electrical machine having
two rotors. One is a conventional rotor, while the other contains a winding and
is supplied by power using slip rings. Referring again to the electro-mechanical
power split transmission using a mechanical planetary gear, a dual rotor machine
can replace the planetary gear set and one of the electrical machines of the variator.
These dual rotor machines can again be used together with an additional electrical
machine, or the latter machine can be concentrically integrated in the design, see
Fig. 2.1. The word EVT mostly refers to the latter kind of machines in literature2.
Both types can finally be subdivided based the kind of outer rotor. As is the case
for conventional electrical machines, a distinction is made between for instance
a permanent magnet machine, a squirrel-cage induction machine, a synchronous
reluctance machine or a switched reluctance machine. As explained in chapter 1,
in this dissertation a machine with hybrid excitation is investigated.
2.2 Power Flow in a Power Split Transmission
Power split transmissions are usually split in two (or three) categories according
to their characteristic power flow as function of the input-output speed ratio. For
a PST with mechanical planetary gear, the characteristic power flow as function of
the output-input speed ratio will differ according to the position of the mechani-
cal planetary gear. To this end these power split transmissions are often split-up
into input-coupled and output-coupled transmission systems. A combination of
both is sometimes called a compound-split transmission, which is the third cate-
gory. Since this categorization was first used for this kind of transmissions, the
terms input coupled and output coupled are explained below for PSTs based on a
mechanical planetary gear. Note however, that also for power split transmissions
without planetary gear, the same subdivision can be used. In the latter case, the
subdivision is obviously not linked to the position of the planetary gear, but can
be derived from the characteristic power flow as function of the input-output speed
ratio.
2Strictly speaking also axial flux based EVTs could be constructed, so that the word ”concentric”
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2.2.1 The Input Coupled Power Split Transmission
Variator
input shaft output shaft
PGT
Figure 2.3: Schematic of an input coupled power split transmission.
An input-coupled (output split, torque split) power split transmission, also ref-
ered to as split-torque transmission in literature, is shown in Fig. 2.3. At the input
node, the torque (and thus the power) of the prime mover is split in two parts. The
speeds of both paths however are equal, or directly related to each other by a fixed
ratio. This can for instance be done by using a fixed parallel axis gear. The variator
in the variable path changes the speed and torque at its output with respect to its
input. Both the output of the variator, and the direct mechanical path are connected
to a shaft of a planetary gear train (PGT). The remaining third shaft of the PGT
is connected to the output. The PGT is in this case called a ”summing planetary”,
referring to the (weighted) speeds that are summed up at the output shaft, in accor-
dance with the Willis equation (A.4). The power flow in such kind of transmission
is for instance investigated in [7] and will be calculated in subsection 2.3.2. It will
be shown that the power fractions of the variable and direct mechanical path with
respect to the total output power are hyperbolic functions of the output-input speed
ratio ΩoutΩin as plotted in Fig. 2.4a. The directions of the power flow are shown in
the top of the figure as well. The lock-up point is shown in red, and is the point
were the output speed (and thus power) of the variator is zero, i.e. all power is







lock-up point, the power in the direct mechanical path is positive, while the power
in the variable path is negative. The power converted by the mechanical path is thus
higher than the output power and is recirculated through the variable path. This is
called mechanical regenerative power flow and is present when accelerating from
stand-still. The advantage of this system is that also mechanical variators (e.g.
toroidal or belt systems) can be used at stand-still without the need for a clutch or
torque converter [19]. When the output speed increases beyond the lock-up point,
the power in the variable path changes sign, and no power is recirculating. This is
called the non-regenerative power flow region in [7]. Since there is no power recir-
culation, this can be a favorable operating zone for the transmission [16]. Finally,






is called the variable regenerative power
flow region. In this region the variator power is higher than the input power and is
recirculated through the mechanical path.





































(b) Rough efficiency estimation.
Figure 2.4: Input coupled power split transmission.
ciency region when the power fraction converted by the variator is low [19]. An
estimation of the efficiency of the overall power split transmission, i.e. the ratio
of output power to input power, can be expressed as function of the estimated ef-
ficiency of the variable and direct mechanical path [16]. In the latter paper, the
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variator is estimated. This variator is connected to the ring gear, while the output
is connected to the planet carrier, as will also be the case in the example of subsec-
tion 2.3.2. For the hydraulic pump and motor, a constant efficiency of 0.846 is used
independently of the speed and torque. For the mechanical path, a constant effi-
ciency of 0.98 is assumed. From the previous, it can be seen that such an approach
only results in a rough efficiency estimation. Nevertheless, an order of magni-
tude can be given and the qualitative evolution of the efficiency as function of the
output-input speed ratio can be estimated. The total efficiency is in this approach
iteratively computed. From a first estimate of the total efficiency, the output torque
can be calculated based on the input torque and the output and input speed. From
the input and output speed, and the kinematic relations of a planetary gear (A.4),
the output speed of the variator can be calculated as well. The latter speed can be
used to compute the power through the variable path using an assumed efficiency
of 0.846× 0.846 (two hydraulic pumps connected back-to-back). The mechanical
power finally, which is the input power minus the variator power, can be used to
calculate the output power, from which the second efficiency estimation results,
which is the start point for the next iteration. The efficiency using this technique
has been calculated, and is plotted in Fig. 2.4 as well. As was expected, the effi-
ciency is highest at the lock-up point, since no power is converted by the variator.
At this point, the overall efficiency equals the efficiency of the mechanical path.
At negative speed ratios, the expected efficiency is lower due to the high power
that needs to be converted by the variator (recirculating power flow). In [19, 20] a
similar approach has been used, and similar fixed efficiency values of the hydraulic
unit and mechanical gears have been proposed. Also the influence of the variator
efficiency is shown and plotted. The sensitivity to the efficiency of the variator
is especially high in the negative speed range, where the variator power is high.
It is also explained that tractor manufacturers using this transmission have added
an extra gearbox to increase the ratio spread of this transmission. An example
of a commercial input coupled hydromechanical power split transmission will be
shown in subsection 2.3.2.
2.2.2 The Output Coupled Power Split Transmission
An output coupled power split transmission is also called a split-speed transmission
and is schematically represented in Fig. 2.5. The term output coupled refers to the
fact that variator is connected to the output of the transmission. Split-speed refers
to the fact that the input speed is split in the planetary gear according to the Willis
equation (A.4) as is described in Appendix A. To this end the planetary gear train is
referred to as a ”divider planetary gear” in literature. The torque of the input shaft
on the other hand is in steady-state directly transmitted to the variable and direct
mechanical path, if for both paths a fixed ratio is taken into account, see (A.8).
The power flow in this kind of transmission is fundamentally different than
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Variator
input shaft output shaft
PGT
Figure 2.5: Schematic of an output coupled power split transmission.
point is again defined as the point of zero variator power, i.e. the speed of the





and this lock-up point, the power in both the variable and the direct
mechanical path is positive, meaning that there is no recirculating power in this
non-regenerative power flow region. Beyond the lock-up point, which occurs near
the top end of the transmission range, the power through the mechanical path is
higher than the output power. Consequently, a part of the power is recirculated
through the variable path, being the region of mechanical regenerative power flow.
At negative speeds finally, the power through the variable path is higher than the
output power. The remaining part is hereby recirculated through the mechanical
path. As for the input coupled system, this is the variable regenerative power flow
region.
As is done for the input coupled system, also a rough efficiency estimation
for an output coupled power split transmission with hydraulic variator is given in
Fig. 2.6b. The efficiency is calculated based on the same efficiency assumptions
for the hydraulic units and the planetary gear as for the input coupled equivalent in
subsection 2.2.1. Since these efficiencies were assumed to be constant, the result-
ing efficiency will again only be a rough estimation. Nevertheless, this calculation
can give a good idea about the qualitative evolution of the efficiency as function
of the output-input speed ratio. For an output coupled power split transmission,
the efficiency increases linearly with the output-input speed ratio from standstill
towards the lock-up point3. In the region of this point, the efficiency is highest due
to the limited variator power. Beyond the lock-up point the efficiency drops again
linearly because of circulating power in the variator. This time with an in absolute
value higher slope. When using this kind of transmission, the lock-up point
will to this end be designed to coincide with a preferable operating point of the
transmission. Finally, also towards negative speeds, a linear decrease in efficiency
can be seen. At moderate negatives speeds, the efficiency is much better than for
an input coupled equivalent. If higher reverse speeds are important, a mechanical
reverser should be considered [19]. An example of a commercial output coupled
hydromechanical and electromechanical power split transmission will be shown in
the next subsections 2.3.1 and 2.3.3 respectively.
3Note that if the output speed is zero or very low, the powers and efficiencies are not plotted. The































(b) Rough efficiency estimation.
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2.3 Power Split Transmissions based on a Mechanical
Planetary Gear
As explained above, many existing power split transmissions are based on a me-
chanical planetary gear train (PGT), as was shown in the classification of Fig. 2.1.
To this end, for the interested reader, this gear train is briefly explained in Appendix
A. In this section, three important examples are given of power split transmissions
based on a mechanical planetary gear. Two output coupled systems and one input
coupled system.
2.3.1 Hydrostatic Drive
In 1995, Fendt, a German manufacturer of agricultural tractors and machines, in-
troduced a continuously variable transmission to the market. Up to now more than
250 000 of such transmissions prove their daily use in the field. The transmissions
allow agricultural machines to change speed in a continuous way without power
interruption by shifting gears. Furthermore, they minimize fuel consumption by
driving the diesel engine along its optimal efficiency line. Different transmissions
have been constructed for powers between 75 kW and 380 kW. The maximum
engine torque ranges hereby from 300 Nm to 2400 Nm respectively [21].
Topology and Specifications
A schematic overview of the Fendt Vario transmission is shown in Fig. 2.7. A
planetary gear is used to split the power between the diesel engine and a hydrostatic
unit, making this an output coupled power split transmission.
The hydrostatic unit consists of an axial plunger pump driven by the ring wheel
and two axial plunger motors. The latter are supplied by the pump and connected
to the output shaft. At standstill, the hydraulic motors are placed at their maximal
displacement angle αhm = 45◦ and the pump is initially in its neutral position at
αhp = 0
◦. At this moment there is no oil flow in the hydraulic circuit. Conse-
quently the hydro motors are blocked, and there is no rotation of the wheel shaft.
When accelerating, the engine driven pump is slowly swung out driving the hy-
draulic motors. The tractor accelerates and the fraction of hydraulic transmitted
power linearly decreases. When the hydraulic pump is at its full angle, the tractor
is further accelerated by diminishing the swivel angle of the hydraulic motor. When
the angle αhm is at zero, the pump is blocked since no oil flow is possible. This
results in a fixed gear ratio between engine and wheels and all power is transmitted
mechanically [22]. At the output finally, a two-speed gearbox is used to increase
the driving range. Direct drive happens at around 32km/h and 50km/h for the first
and second gear respectively. In this section the torque and speed of the different
transmission parts are considered in steady-state. Also, the idealized, i.e. loss-less,






























Figure 2.7: Schematic of the Fendt Vario transmission.
Hydraulic Unit
Before continuing the analysis of this transmission, there is the need for briefly
explaining the operating principle of the hydraulic variator. Both the hydraulic
pump and the hydraulic motor(s) are axial plunger hydraulic units, see Fig. 2.7. By
changing the swivel angle α of the unit, the fluid flow can be altered depending on




where Dmax,hm and Ωhm are the maximum displacement volume in m3/rev, and
the rotational speed in rad/s of the hydraulic motor respectively. fhm = fhm(αhm)
is the fraction of the maximum displacement volume, which is a function of the
swivel angle. The corresponding equation for the hydraulic pump is given as well.
Note that no subscript is given to the flow Q, since both the pump and the motor
are connected back-to-back having the same fluid flow if leakage is ignored. From
the power balance between mechanical power and hydraulic power, the torque on
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where ∆P is the pressure difference between input and output of motor or pump
respectively. The torque Thm of the hydraulic motor is transmitted to the wheel
shaft by means of a two-step transmission. The hydraulic pump on the other hand
is driven by the ring gear of the planetary gear set. The hydraulic pump and motor








which can be derived from (2.1). Note that the same gear ratio can be achieved in
infinitely many ways by selecting a combination of pump and motor swivel angels.
The efficiency of such a transmission is rather low. The efficiency of an axial
plunger motor is for instance investigated in [23]. In the article, a hydraulic motor
with maximum displacement Dmax,hm = 55cc/rev is examined. The maximum
pressure difference ∆Phm between the inlet and outlet hoses of the motor is
250bar, resulting in a maximum power of 343 kW at 1500 rpm. The losses in such
a motor are mentioned to be caused by volumetric losses (leakage), viscous torque,
Coulomb torque and hydrodynamic torque losses. In the paper it is shown that
the efficiency is mainly a function of the displacement ratio fhm and the pressure
difference ∆Phm, whereas the influence of the rotational speed Ωhm is low. The
overall efficiency of the motor for instance increased, almost independently of the
speed, between 0.8 and 0.94 when fhm is increased from 0.25 to 1 when calculated
at maximum pressure. In [16] the volumetric and torque efficiency of a hydraulic
pump or motor is estimated at 0.92 yielding an overall efficiency of 0.922 = 0.846
for each hydraulic unit. It is said that these efficiencies are representative for good
piston equipment operating at some moderate pressure, speed and percentage of
its total stroke.
Hydrostatic Power Split Transmission
The efficiency of the drive train is increased by splitting the input power so that
only a fraction of the total power is converted by the hydraulic path. The remainder
part of the power is transmitted trough the high efficient direct mechanical path,
depending on the speed difference between input and output. According to the
Willis equation (A.4):
(1 + kp)ΩC = kpΩS + ΩR (2.4)
with ΩC = Ωin the input speed of the combustion engine, and kp the gear ratio of
the planetary gear according to (A.5). As can be seen in Fig. 2.7, the speed of the
sun gear ΩS is directly related to the output speed by a fixed ratio k2 = −ΩhmΩS and














The ring gear speed ΩR on the other hand determines the rotational speed of the
hydraulic pump through a fixed ratio k1 = −
Ωhp
ΩR
. Depending on the swivel angles
of both hydraulic units, the fluid flowQ produced by the pump drives the hydraulic
motor acting as a continuously variable transmission with ratio rh according to
(2.3). The hydraulic motors are connected to the output shaft through the two-













Using (2.7) it can be seen that this transmission behaves as a continuously variable
transmission between input and output shaft. The gear ratio can be altered by
changing the gear ratio rh of the hydraulic unit as shown in Fig. 2.8. Also the
speed of the hydraulic pump Ωhp and motor Ωhm have been added based on (2.5)
and (2.6). While accelerating, the ratio rh is increased from 0 to ∞ as can be
understood based on (2.3). First the hydraulic motors are fixed in their maximum
swivel angle (fhm = 1) and the angle of the hydraulic pump is increased from
zero towards its maximum angle (fhp = 0 → 1). Next the hydraulic pump is
maintained at this maximum swivel angle (fhp = 1) while the hydraulic motors
are swung back to zero (fhm = 1 → 0). Fig. 2.8 gives the required speed ratio of
the hydraulic unit in order to achieve a certain output-input speed ratio.
The speed of the ring and sun gear can on the other hand also be expressed as
function of this output-input speed ratio based on (2.4) and (2.5):{
ΩR
Ωin









(2.8) shows that the rotational speeds of the ring gear, and the sun gear are linear
functions of the desired output-input speed ratio. The ring gear speed is directly
related to the speed of the hydraulic pump, while the sun gear speed is directly
related to the speed of the hydraulic motors. From this the power split in the plan-
etary gear can be seen. The internal combustion engine is driving the carrier with a
certain torque Tin = −TC, with TC the torque on the planet carrier by the sun and
ring gear. This torque is either directly produced by a torque controlled combustion





























Figure 2.8: Input-Output speed relation of the Fendt Vario transmission as function of the
hydraulic unit speed ratio rh.
engine is speed controlled. By multiplying the speed relations from (2.8) with the
correspondig torque on ring and sun gear from (A.8) the power to the ring and sun
















with Pin = Pout the power produced by the internal combustion engine and de-
livered to the wheels if losses are ignored. The ring gear power PR represents
the power that is converted by the hydraulic unit, while the sun gear power PS
represents the direct mechanical path.
As shown in Fig. 2.9 the hydraulic and mechanical power fractions are a linear
function of the output-input speed ratio, as was explained for an output coupled




the hydraulic power fraction is zero.
The driver finally can control this vario transmission in two ways. If the TMS
(motor management system) is turned off, the driver can control the combustion
engine using the acceleration pedal, as in a conventional drive. With a joystick
the gear ratio of the transmission can be controlled. By moving the joystick, the
swivel angle of the pump and motors is changed as explained above. The speed of
changing the swivel angle as function of the joystick displacement can be chosen by
a four-step switch. Alternatively, the TMS button can be switched on. In this mode
the joystick or acceleration pedal input functions as a speed reference. The tractor























Figure 2.9: Hydraulic and direct mechanical power path as function of output-input speed
ratio.
engine settings in order to minimize fuel consumption.
Conclusion
A hydrostatic transmission is an output coupled power split transmission. The in-
put power is split into a hydraulic and mechanical path, both of which are ideally a
linear function of the output to input speed relation. The transmission can be found
in agricultural machines and enables both power shift and increased fuel economy
with respect to standard discrete step transmissions. The reported efficiency of such
a transmission at rated engine power varies between 80% and 85% over almost the
entire speed range. Different transmissions have been constructed for powers be-
tween 75 kW and 380 kW. From functional point of view the operation is identical
to an EVT without battery storage. However, since hydraulic units are being used,
the power can be transmitted at lower speed and higher torque. The use of an EVT
would require a new design of the gear ratios, with possibly an additional fixed
gear ratio between the EVT and the ICE to increase the EVT speed with respect to
the diesel engine.
2.3.2 Dana-RexRoth Hydromechanical Variable Transmission
Introduction
Dana Rexroth Transmission Systems is a joint venture formed by Dana Incor-
parated and Bosch Rexroth AG. It develops and manufactures Hydromechani-
cal Variable Transmission (HVT) systems targeted for use on front-end loaders,
graders, forestry skidders, and other off-highway applications. The so called R2
HVT is in production since 2015 and supports power outputs from 135 kW to
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the operating principle of this input coupled transmission is explained based on


















Figure 2.10: Schematic of the RexRoth hydrostatic transmission.
Operating Principle
A schematic of the Dana-RexRoth transmission is shown in Fig. 2.10. It consists
of a hydraulic variator and a planetary gear. The hydraulic variator consists of
an axial plunger pump and axial plunger motor connected in a back-to-back
configuration. This hydraulic variator is driven by the combustion engine through
a gear with gear ratio k1 = −
Ωhp
ΩI
. The variator output is connected to the ring gear
of the planetary gear through a fixed ratio k2 = − ΩRΩhm . By changing the swivel
angle of the axial plunger pump and/or motor, the ratio rh = ΩhmΩhp of the variator
can be altered. Note that this gear ratio can be positive or negative.
To understand its operating principle, suppose the internal combustion engine
is rotating at speed ΩI. The sun gear of the planetary gear is directly connected to
the ICE so that ΩS = ΩI. The ring gear speed ΩR can be calculated from the ICE
speed using two fixed gear ratios k1 and k2, and the speed ratio rh of the variator:
ΩR = rhk1k2ΩI (2.10)
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where kp is the gear ratio of the planetary gear as defined in Appendix A. At a
given engine speed, the speed of the wheels can thus directly be controlled by
controlling the gear ratio rh of the hydraulic variator, which is altered by changing
the swivel angle of the hydraulic motor. The speed relations as function of the gear
ratio rh are summarized in Fig. 2.11. Note that in order to achieve stand-still of
the planet carrier (the wheels), the gear ratio needs to be negative. At zero speed
ratio rh = 0 only the planetary gear is involved, working as a reduction. In the
latter case, the swivel angel of the hydraulic pump is set to zero so that no fluid




















Figure 2.11: Rotational speed of the planetary gear shafts in a Dana-RexRoth transmission
as function of the variator gear ratio rh.
At the wheel-side a torque TC is required by the sun and ring on the carrier to
drive the wheels at the speed ΩC. This results in steady-state to a torque on the
sun and ring gear according to (A.8) which is a function of the gear ratio kp of
the planetary gear. The torque on the sun gear is directly transmitted to the ICE.
The torque on the ring gear is transmitted through the fixed gear with ratio k2, the












For a given torque on the planet carrier (in equilibrium with the load torque in
steady-state), the required torque from the ICE TI thus consists of two parts. A
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portional to the speed ratio rh of the hydraulic variator. Accordingly, the power of












which is in loss-less condition indeed equal to the output power PC = TCΩC when
(2.11) is considered. A part PS of the ICE power PI is thus transferred to the wheels
through the sun gear of the planetary gear set. The remaining part Ph is transferred
through the spur gear k1, the hydraulic variator rh, the spur gear k2 and the ring
gear and depends on the speed ratio of the hydraulic variator. By combining (2.13)
with (2.11) the two power paths PS and Ph can also be written as function of the










which is also visualized in Fig. 2.12 as function of the variator gear ratio rh, or
the output speed ratio ΩCΩI . Note that this figure can be compared to the general
considerations in Fig. 2.4 for an input coupled power split transmission.
As shown in the figure, the power is circulating for a negative variator gear




). In this operating mode, part of the direct power PS is
transferred to the carrier (the output) of the planetary gear, while the remaining
part is recirculated to the input again through both spur gears and the hydraulic
variator. In the recirculating power region, the power converted by the variator
is higher than the output power itself. On the other hand, at low output speeds,
the output power is mostly low in absolute value. For positive variator gear ratios
rh > 0, corresponding to ΩCΩI >
kp
1+kp
, the input power from the ICE is split in the
direct and variator power path, both having positive signs. The higher the speed
at the output shaft, the more power is transferred through the hydraulic variator
system. Note that this power path is less efficient than the direct power path.
To overcome circulating powers at reversing and low speeds, and to reduce
the hydraulic variator power at higher speeds, the system can be combined with a
discrete-step gearbox to reduce the variator power fraction. In [24] for instance a
three-stage gearbox is used. In the first stage, starting from stand-still, all power
is converted in a hydraulic way by disengaging the direct path4. In this mode, the
































hydraulic variator path Ph
Figure 2.12: Idealized power paths in a Dana-RexRoth transmission as function of the
variator gear ratio rh.
transmission can easily switch between forward and reverse driving, while circulat-
ing powers and high variator gear ratios are eliminated as can be seen in Fig. 2.13.
In the figure, the hydraulic power is plotted for both a single and three-stage
gearbox and calculated according to (2.13). The three-stage gear box has ra-
tios kg1, kg2 and kg3, so that the output speed is related to the carrier speed as:
Ωout = kgiΩC, i ∈ {1, 2, 3}. Due to the purely hydraulic driving mode in stage I,
circulating powers are eliminated in this speed region. Additionally, precise posi-
tioning of the output load is possible according to [24]. At higher speeds, the direct
mechanical path is engaged again and the gear ratio of the discrete-step gearbox
is increased by shifting to the next gear. The transmission operates in power-split
mode so that only a fraction of the power is converted by the variator according to
Fig. 2.12. By shifting to a third external gear ratio kg3 of the discrete-step gearbox,
the hydraulic variator power Ph at higher speed can be decreased, which decreases





































Stage I Stage II Stage III
Figure 2.13: Hydraulic variator power. Comparison between a single and three-stage gear
box.
Conclusion
The Dana-RexRoth hydromechanical variable transmission is an example of an
input coupled power split transmission using a planetary gear. As a result, the
power fractions through the direct and variable path are a hyperbolic function of
the output-input speed ratio. The direct path consists of a mechanical shaft, while
the variable path consists of a hydraulic variator. The speed of the output shaft is a
linear function of the variator gear ratio. Standstill of the output shaft corresponds
to a negative variator gear ratio, resulting in circulating power. This region can be
avoided by the use of an additional clutch for the direct path and a gearbox. A
commercial version converting up to 195 kW is available on the market.
2.3.3 Toyota Prius Hybrid Synergy Drive
The Toyota Prius was the worlds first mass-produced hybrid electric vehicle, and
was introduced in 1997. It consists of a series-parallel power train, called the
Toyota Hybrid System (THS), later changed to Toyota Synergy Drive [26]. The
THS 1 was used in the Prius from 1997 till 2003. New versions followed by
the THS 2 from 2004 till 2009 and the THS 3 from 2010 till 2015. The fourth
generation finally was introduced in 2015. All generations consist, besides an
internal combustion engine, of an electric generator M/G1 and an electric motor
M/G25. The components are interconnected by means of at least one planetary
5Although both electrical machines can operate as motor or generator, M/G1 is often referred to as
generator while M/G2 is often referred to as motor. These names are based on the main functionality
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gear set, depending on the generation. A planetary gear splits the power from
the ICE into a mechanical and electrical path. The electrical path consists of
M/G1 which is mostly used as generator to charge the battery and to supply M/G2
with electrical power. The latter electrical motor is connected to the final drive.
In generation 3 and 4 this is done by means of a second planetary gear acting
as reduction gear or a parallel reduction gear respectively [27]. The function
of the latter electrical machine M/G2 is to add torque to the wheel shaft, and
thus assisting the ICE. When regenerative braking is used, this motor acts as a
generator. All in all, the main goal of the Toyota Hybrid System is to decouple the
internal combustion engine from the wheels. As a result, the ICE can be driven in
its optimal operating efficiency point, reducing fuel consumption.
Some parameters of the THS can be found in [28]. The step between each
generation of the THS was marked by different component selections. The 1.5L
combustion engine in the first and second generation was for instance replaced by
a 1.8L equivalent in the third and fourth generation [29, 30]. Both engines have a
double overhead camshaft controlling the 4 valves per cylinder. The valve timing is
made variable which allows to drive the engine in an Atkinson cycle. The current
(2017) Prius engine delivers a maximum power of 70 kW at an engine speed of
5200 rpm and a maximum torque of 142 Nm at a speed of 3600 rmp [31]. Also
in the electrical system an evolution can be seen. The main difference between
the first and second generation is the introduction of a dc-dc converter, boosting
the battery voltage from 288 V to 500 V [30]. Also, the maximum generator speed
was increased from 6500 to 10000 rpm. This voltage was further boosted to beyond
650 V in the third version. Also, a reduction planetary gear was added to the
latter version. This way the motor (M/G2) speed was increased from 6000 rpm to
13500 rpm.
It will be shown in the next subsection that, in steady-state, this system has
exactly the same functionality as an EVT with a fixed gear between the combustion
engine and the inner rotor. Both systems will be compared against each other on
the New European Driving Cycle in chapter 6.
Power Flow and Operating Principle
A schematic of the 2010 Toyota Prius Hybrid synergy drive is given in Fig. 2.14.
The internal combustion engine is connected to the planet carrier of the power split
planetary gear. The input speed is split (divider planetary) according to the Willis
equation (A.4). In the latter equation, the relation between the speeds of the sun,
carrier and ring gear is given based on the constant k, as given in (A.5). This latter
constant is called the gear ratio of the planetary gear, and was defined as the ratio
of the number of radii of sun and ring gear. Here, k1 is the gear ratio of the first
planetary gear, while k2 is the gear ratio of the second planetary gear. The ring gear

























Figure 2.14: Schematic of the Prius III Hybrid Synergy Drive.
here considered as the output of the power split transmission. The sun gear finally
is connected to an electrical machine which is mainly working as generator, except
at very high output speeds were it operates as electric motor. The speed of this








with Ωin = ΩC1 the speed of the planet carrier, and Ωout = ΩR1 the speed of the
ring gear. The number of teeth for ring gear (NR = 78), pinion gear (NP = 23)
and sun gear (NS = 30) are reported in [32]. The torque produced by the internal
combustion engine is in steady-state transferred to the ring and sun gear, taking a










The power produced by the electrical machine M/G1 is thus, taking into account








It can be seen that this power is proportional to the combustion engine torque Tin
and the weighted speed difference between the input and output shafts. The torque
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the second electrical machine M/G2. This machine produces a torque on the sun
gear of the reduction planetary gear. This gear train functions as a conventional
reduction gear since the carrier has been grounded to the transmission housing:
ΩC2 = 0. At the output shaft, a certain torque Tout is desired. This torque equals
the sum of the torques on both ring gears: Tout = TR1 +TR2. The torque produced
by the second electrical machine M/G2 will thus be controlled as such, to bridge the
gap between the desired output torque Tout and the torque TR1 already available at
the ring gear of the power split planetary gear. The later originated from the torque
Tin produced by the internal combustion engine, as was given in (2.17):




This torque finally is produced on the ring gear of the reduction planetary rotating










The power produced by the second electrical machine is thus proportional to the
(weighted) torque difference between the output and input shafts. Note that due to
the reduction planetary gear, the electrical machine M/G2 will produce this power
at higher speed and lower torque. Also note that the battery power equals the sum
of both previously defined electrical powers:



















Pel,1 > 0Pel,1 < 0
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As was done for the EVT in Fig. 1.5, the Toyota Prius power flows as de-
scribed above are summarized in Fig. 2.15. In the figure, the output operating plane
(Ωout, Tout) is divided into different regions depending on the sign of the electrical
power paths Pel,1, Pel,2 and Pb. The position of the orange dot in the middle of
the first quadrant is determined by the operating point of the internal combustion
engine, and is called the input operating point here. Its position is variable, but is
always situated in the first quadrant6. The horizontal operating line through this
operating point corresponds to zero power conversion by M/G2 as can be derived
from (2.20). If the output operating point (Ωout, Tout) is located above this line,
and if Ωout is positive, M/G2 works as motor and draws positive electrical power
from the dc-bus. The magnitude of this electrical power flow is linearly propor-
tional to the distance from the output operating point to the horizontal operating
line, and to the absolute value of the output speed. If Ωout is negative, the power
signs are opposite. Also a vertical operating line has been drawn through the input
operating point. This line corresponds to zero power conversion by M/G1 as can
be derived from (2.18). If the output speed Ωout is lower than the weighted input
speed (1 + k1)Ωin, M/G1 works as a generator (Pel,1 < 0) feeding power to the
battery. The opposite is true at high output speeds. The further the output operat-
ing point (Ωout, Tout) is located from this line, the higher the power converted by
M/G1. This is for instance especially true at negative output speeds. Finally, also
a line of zero battery power has been draw. This hyperbolic function corresponds
to an output power equal to the input power. A power split transmission without
storage can only work along this operating line.
Conclusion
The THS is an output coupled power split transmission with the possibility of bat-
tery storage. The input power is split into a direct mechanical path and an electrical
path connected to a dc-bus. A second electrical machine is connected to the same
dc-bus and to the final drive to the wheels. This system has exactly the same func-
tionality as an EVT with a fixed gear at its input shaft. In the THS however, the
direct power path is a mechanical path, whereas in the EVT this power fraction is
transferred by means of a magnetic field. Both systems are compared against each
other on the New European Driving Cycle in chapter 6.
2.4 Electromagnetic Power Split Transmissions based on
a Dual Rotor Machine
Referring to Fig. 2.1 also purely electromagnetic power split transmissions can be
found, of which the EVT investigated in this dissertation is an example. As the
EVT, many of these transmissions are based on a dual rotor machine (DRM). The
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latter can be seen as a conventional electrical machine with outer rotor. However,
as the name states, these machines have two rotating parts. This is because also the
(inner) stator is made rotating in this machine, as can be seen in Fig. 2.16. This
rotating stator is called the inner rotor of the dual rotor machine and is usually sup-
plied by power using slip rings. This machine can replace the mechanical planetary
gear and one of the electrical machines in a classical electromechanical power split
transmission as was already explained in the conclusion of previous subsection
2.3.3. The second electrical machine can then be added to the system creating a
power split transmission [33, 34]. Another option is to add the second electrical
machine concentrically to the dual rotor machine as can be seen in Fig. 2.16 ex-
plaining the subdivision of dual rotor machine based electromagnetic power split












(b) One concentric machine.
Figure 2.16: Classification of dual rotor machine based electromagnetic power split trans-
missions.
If an additional electrical machine is used, this machine can be added axially
to the DRM and the outer rotor of the DRM can be connected to the rotor of the
additional machine as is done in Fig. 2.16a. Another idea, investigated in [35, 36]
for HEV applications, is to connect the additional electrical machine to the rear
wheels while the DRM outer rotor is connected to the front wheels. If on the other
hand, as in Fig. 2.16b, one concentric machine is used, a further subdivision can be
based on the thickness of the outer rotor yoke, see also Fig. 2.1. This determines
the magnetic coupling between both rotors. If a sufficiently thick yoke is used, the
DRM and the additional machine can be treated as two separate machines placed in
a concentric arrangement. If the yoke is made thin, both machines are magnetically
coupled to each other. In this case the machines cannot be treated as two separate
machines. This is for instance the case for the EVT in this dissertation. The in-
fluence of stator currents on the inner rotor flux and the other way around will be
shown into detail in section 3.3. Also, when developing a torque control algorithm,
this magnetic coupling will have to be considered, as will be shown in section 4.3.
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rotor based electromagnetic power split transmissions. Also, the most important
conclusions from literature are given. The idealized power flow equations for this
type of transmissions were given for an EVT with hybrid excitation in chapter 1
and can be used here as well.
2.4.1 Induction Machine Based Electrical Variable Transmission
In drive trains, induction machines can have some advantages over permanent mag-
net synchronous machines. Since no permanent magnets are being used, induction
machines are said to be more robust. The reason is that PMs are sensible to ir-
reversible demagnetization at high temperatures. Also, the magnetic flux linkage
with the stator windings of an induction machine can be controlled by controlling
the magnetizing current. This makes it easy to weaken the magnetic field at for
instance high rotor speeds or low load requirements. Weakening the magnetic field
reduces the required voltage at the machine terminals, and can decrease iron losses
in the stator yoke. The latter is particularly interesting in automotive applications
were the drive train is often used at low load7. The main disadvantage of induction
machine based drive trains is that the operating principle is based on slip of the
rotor with respect to the magnetic field. This induces the currents in the rotor bars
needed for electromagnetic torque production, but also results in copper losses in
the rotor. The latter limits the torque that can continuously be produced by the ma-
chine in order to avoid over-heating of the mostly air-cooled rotor. Also, the need










Figure 2.17: Schematic of a single cage induction machine based EVT.
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The same considerations apply to an induction machine based EVT with re-
spect to a PM EVT. The expected torque density of an induction machine based
EVT is thus lower than for a PM equivalent. Also, for the same volume, the ef-
ficiency is expected to be lower. Furthermore, the air gaps used in an induction
machine based EVT need, as is the case for conventional induction machines, to
be chosen as small as possible to limit the magnetization current8. This results in
a more challenging mechanical design, especially since two rotors are being used.
A schematic of a single cage induction machine based EVT is shown in Fig. 2.17.
This type of machine was the subject of [3]. The use of a single cage on the outer
rotor however has two main disadvantages. First, the magnetic flux linkage with
stator and inner rotor cannot be changed independently. The inner rotor flux is
required to be high most of the time, in order to transmit the ICE torque. The sta-
tor flux linkage however, is only required to be high if a high stator torque (outer
air gap torque) is required. At higher speeds, the stator flux cannot be weakened,
resulting in increased copper losses and a bigger stator inverter. Another disadvan-
tage is the mechanical design of the outer rotor. To this end, also machines with
a double cage on the outer rotor are reported in literature [4, 37]. Due to the spe-
cific geometry of this dual-cage outer rotor, the stator flux linkage can be different
from the inner rotor flux linkage. In [4] the power flow in such a machine was
discussed. Also, some prototype test results were discussed. However, due to the
mechanical problems as described above, the amount of measurement results are
limited. In the paper, emphasis is placed on the fact that the outer rotor is made
thin, as is schematically shown in Fig. 2.17. This means that both the inner rotor,
outer rotor and stator are magnetically coupled. The machine can thus not be seen
as two conventional machines placed in a concentric arrangement. This makes the
control of this type of magnetic coupled machines more challenging, a topic that
has been tackled in [38–40]. In the latter paper it is shown, for a single cage outer
rotor, how the torque on both rotors and the flux linkage with the outer rotor can
be controlled simultaneously while minimizing the copper losses in the machine.
In [41] finally, some design aspects are given, along with experimental data on a
20 kW prototype machine.
2.4.2 Permanent Magnet Electrical Variable Transmission
In order to improve the torque density and maximum efficiency of the drive train,
some authors chose to investigate the permanent magnet EVT (PM EVT). In these
type of transmissions, the squirrel-cage outer rotor of Fig. 2.17 is replaced by a
single or double layer of permanent magnets as can be seen in Fig. 2.18.
In the figure, a double layer of PMs has been attached to the outer rotor. Also
here, the topologies can be divided based on the thickness of the yoke. If a thick
yoke is being used, the stator-outer rotor combination and the outer rotor-inner ro-
tor combination can be seen as two concentric electrical machines. In [42–46] for


















Figure 2.18: Schematic of a double layer permanent magnet EVT.
instance such type of machine is modeled, and designed to be used in a hybrid
electric vehicle. The inner rotor-outer rotor combination is called EM1 (electrical
machine one) in the papers, while the stator-outer rotor machine is called EM2.
Based on data from the Toyota Prius II (see subsection 2.3.3) the speed and torque
requirements for both electrical machines are deduced in [46]. Different architec-
tures are considered for both machines in [45]:
• Inner or outer rotor connected to the prime mover.
• Windings on inner rotor, and PMs on the outer rotor or the other way around.
• Windings on stator and PMs on the outer rotor or the other way around.
The previous choices determine the inertia of the rotors, the ability for liquid
cooling of the windings, the need for slip rings, and the need for magnet retainment
sleeves (against centrifugal forces). Finally, the architecture as shown in Fig. 2.18
was chosen. The authors end up with a three-pole-pair design for EM1 and a
four-pole-pare design for EM2 with a relatively thick yoke in between showing
that both machines are considered separately. This machine design was finally
compared to the THS 2 (see subsection 2.3.3) by the authors of [47]. According
to the paper, the designed PM EVT is 8% heavier and 20% bigger than the THS.
The calculated fuel consumption over different driving cycles seemed to be 10%
higher for the EVT as well. This is said to be caused by the higher losses in the
inner rotor-outer rotor electric machine (EM1) working at low speeds and high
torque. The authors claim that the efficiency of this machine (EM1) is low if both
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to direct drive operation in which most of the power is directly transferred to the
wheels and in which no power needs to be converted by the corresponding inner
rotor inverter. The authors propose to add an extra fixed gear between the inner
rotor and the ICE and show that this almost equals the expected fuel consumption
over different driving cycles between the THS and the EVT. Due to this gear the
direct drive region seems to be avoided. This seems contradictory since lower
losses are expected in the direct drive region. Deviating from this region requires
more power through the inverters as shown in Fig. 1.5 and increases the inner rotor
iron losses for the same operating points on input and output rotor. Also more
torque is required from the stator since the electromagnetic torque on the inner
rotor is lower with a fixed gear ratio and the same output torque is still required9.
On the other hand the copper losses in the inner rotor are reduced since the inner
rotor torque is lower. Apparently the copper losses in the inner rotor were quite
significant for the design presented in the paper.
Another series of papers describes the so-called four quadrant energy trans-
ducer (4QT). This name was first used for an axial arrangement of a dual-rotor
permanent magnet machine and a conventional so-called ”stator machine” [48].
In the classification of Fig. 2.1 at the beginning of this chapter, this corresponds
to ’dual rotor machine based with additional electrical machine’. The outer
rotor of the dual-rotor machine was hereby connected to the rotor of the stator
machine. In other papers from the same institution, the name 4QT has been
used for one concentric arrangement of a dual-rotor machine with a double array
of PMs and with concentrically fixed stator as shown in Fig. 2.18. The inner
rotor-outer rotor combination is called the dual-rotor machine, while the outer
rotor-stator combination is referred to as the stator machine. The outer rotor
yoke is considered thick, so that the two machines are mainly decoupled [49, 50].
Magnetic coupling in a 4QT is considered into detail in [51]. In [52] a theoretical
analysis on torque ripple, cogging, field weakening, back EMF, and thermal
properties for a prototype machine has been given. The machine ratings are
100 Nm-3000 rpm for the dual-rotor machine and 70 Nm-4000 rpm for the stator
machine. The machine has an outer active diameter of 260mm and an active axial
lenth of 110mm [53]. In [54, 55] some test results for a 4QT used in an HEV are
presented. It is explained in the papers that, when used in an HEV, the dual-rotor
machine mainly operates at high torque and low speed, so that no field weakening
is required. The stator machine on the other hand works at high torque and low
speed during acceleration, whereas it is used at low torque and high speed during
cruising. Therefore, this stator machine needs a wide range of field weakening10.
In the paper, efficiency maps of both the dual-rotor machine and the stator machine
9The output torque is approximately equal to the sum of the electromagnetic torque on stator and
inner rotor.
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are presented separately (both machines are decoupled). The measurements in
generator mode for both machines show a wide region with efficiencies above
92%-93%. Also the no-load losses are measured, and a separation of losses is
presented11. Finally, some thermal measurements are performed showing the
influence of the forced air-cooling on the inner rotor temperature. The cooling
system for the same prototype machine has further been examined in [53]. For the
stator a combined air and liquid cooling is considered. It is however concluded
that the stator air cooling ducts should be removed in order to have a more
efficient liquid cooling. For the inner rotor on the other hand the forced air cooling
through axial ducts makes a huge difference on the inner rotor temperature. At
rated load for instance the calculated inner rotor slot temperature drops from an
unrealistically high 345C◦ at 2m/s air speed to 177C◦ at 9m/s air speed12.
The cooling of a PM EVT with double layer of PMs is also considered in [56].
In the paper, the EVT is used in wind power applications13 as shown in [57, 58]. In
this application, an EVT is placed in between the turbine blades and the generator,
acting a transmission system as shown in Fig. 2.19. With respect to [53] the liquid
cooling of the stator has been replaced by air cooling. Also, additional cooling
ducts are provided in the inner rotor teeth, added to the air ducts in the inner rotor
yoke. Although the additional air ducts in the teeth increase the flux density and
iron losses in the inner rotor, the authors of the paper claim that the inner rotor




Figure 2.19: An EVT should not be used as gearbox for a wind turbine.
11This will be performed for a hybrid excited EVT in chapter 5
12Which still causes increased degradation of insulation class F coating.
13The authors of the paper [56] suggest to use an EVT as transmission system for wind turbines.
These transmissions usually have a gear ratio in the order of Nr1
Nr2
= 100. As a result, the inner
rotor torque Tr1 in Fig. 2.19 equals about −0.01Tr2. Based on (1.2), this results in a stator torque
Ts = −0.99Tr2. This means that the stator torque needs to be rated for almost the full driving torque
from the wind. Also the stator inverter power equals 0.99Pm,r2 according to (1.6), or 99% of the
wind power. Next to the stator, the inner rotor and the extra generator convert about 1% of the power
from the wind. As can be seen, it is more cost and weight efficient to use a direct drive generator,
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2.5 Electromagnetic Power Split Transmissions Based on
a Magnetic Gear
Besides dual rotor machine based systems, also electromagnetic power split trans-
missions exist that are based on a magnetic planetary gear, as can be seen in the
schematic of Fig. 2.1. This type of gear, which is first explained in Appendix B has
the same functionality as its mechanical equivalent, but power can be transferred
without mechanical contact. Mostly an extra electrical machine is integrated in
the magnetic gear, giving it the same functionality as a DRM with additional fixed
gear, or a mechanical planetary gear with electrical machine. A further subdivision
is then again based on the addition of an extra electrical machine, needed to ful-
fill its role as power split transmission. In the next subsections three examples are
given. In the first two examples in subsections 2.5.1 and 2.5.2, a so-called motor
integrated magnetic gear is used in addition to a separate electrical machine. In the
third example of subsection 2.5.3 one concentric machine is shown for which two
electrical machines are integrated in the magnetic gear.
2.5.1 Triple-Rotor Motor Integrated Magnetic Gear
By replacing the mechanical planetary gear in the Toyota hybrid system of sub-
section 2.3.3 by its magnetic equivalent of Appendix B, a fully electromagnetic
output coupled power split transmission is created, having the same functionality.
Moreover, the system torque density can be improved by integrating the electrical
motor M/G1 in the magnetic planetary gear. The latter combination is called a
motor integrated magnetic gear and can be seen in Fig. 2.20.
In the figure, the magnetic gear (MG) of Fig. B.1 is combined with a permanent
magnet motor/generator (M/G1). Both a front-view and side-view schematic are
shown. The result is a triple rotor motor integrated magnetic gear.
In [59] and [60] such a device has been constructed with number of pole
pairs ph = 53, ns = 59 and pl = 6 of the high-pole-number rotor, segment
ring and low-pole-number rotor respectively. The stator was placed at the inside,
and determines the speed of the low-pole-number rotor, placed at the inside as
well. The segment cylinder was made with composite material and soft magnetic
composite (SMC). The table with geometrical parameters shows an active outer
diameter of 268mm and an active axial length of 100mm. The pull-out torque
for this machine was measured to be 520 Nm on the high-pole-number rotor,
resulting in an impressive torque density of 92 kNm/m3 for this motor integrated
magnetic gear. The rotational losses however were much higher than expected
due to poor construction and a non-optimal diameter/length aspect ratio. The
measured efficiency does not reach more than 80%. This maximum efficiency
was measured at 220 Nm and 2500 rpm at the high-pole-number rotor, while the

















a) cross-sectional view b) schematic
permanent magnets
stator
Figure 2.20: Schematic of a triple-rotor motor integrated magnetic gear. ph = 13, ns = 16
and pl = 3
integrated electrical machine.
Another attempt was performed in [61]. In the paper, the high-pole-number
(low speed) rotor with ph pole pairs is situated at the inside, while the low-pole-
number (high speed) rotor, containing pl pole pairs, is situated at the outside as
in Fig. 2.20. The machine has an overall active diameter of 250mm and an active
axial length of 50mm. In the paper this machine is called an m-CVT since the
speed ratio between input and output can continuously be varied by varying the
speed of the control rotor. However, this is not a CVT in the sense that not all of
the input power is converted to the output, since also power is exchanged with a
battery. The pull-out torque Tg of the magnetic gear was calculated to be 93 Nm
resulting in an overall torque density of 26.5 kNm/m3 based on the active volume.
In the paper, very high efficiencies for this device were measured up to 97% at
an output torque Ts = 70 Nm, output speed of Ns = 325 rpm and input speed
Nh = 300 rpm. The losses hereby consist of copper, iron and bearing losses. The
latter can be significant because of the large number of bearings needed for a triple
rotor machine. Note that this maximum efficiency cannot directly be compared to
an EVT. In order to have the same functionality as an EVT, an additional electrical
machine needs to be connected to the output shaft. Also, the inverter losses were
not taken into account in this number. Finally, the measurements were performed at
low speed, resulting in low iron losses and magnet losses. The latter could increase
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Figure 2.21: Speed Nl of the low-pole-number control rotor as function of the speed Ns
of the segment rotor in a triple-rotor motor integrated magnetic gear. Input
speed Nh = 2000 rpm.
Power Flow and Operating Principle
In the speed relationship (B.2) of a magnetic gear, two speeds are the indepen-
dent variables. The third speed is then determined by (B.2). Suppose the ICE is
speedcontrolled at a speed Ωh. The speed of the output shaft (segment rotor) Ωs
on the other hand is the result of the torque Ts that is being transmitted to the load.
Since the two speeds are fixed, the control rotor will be forced to rotate at a speed
Ωl determined by (B.2). This is shown in Fig. 2.21 for ph = 13, ns = 16 and
pl = 3. It is hereby assumed that the torque on the control rotor is lower than its
corresponding pull-out torque.
The torque Tl on the low-pole-number control rotor can be controlled using
the stator current. This also determines the inner rotor torque Th on the high-
pole-number rotor connected to the ICE, and the torque Ts transmitted to the load
according to (B.3). The torque Tl on the low-pole-number control rotor, and the
speed Ωh of the high-pole-number rotor connected to the ICE, can be chosen as
such in order to operate the ICE in an optimal operating point. Note that the output
torque Ts cannot be chosen independently, but depends on the torque Th being
applied to the ICE. This is why a second electrical machine needs to be added
to the system, in order to fully decouple the internal combustion engine from the
wheels and to achieve the same functionality as an EVT.
This system finally is shown in Fig. 2.22. In the figure also the different power
flows are highlighted. The power from the internal combustion engine equals:
Pin = TinΩin = −Th,mΩh (2.22)
with Th,m the torque by the inner air gap magnetic field onto the inner rotor of the

























Figure 2.22: Schematics of a triple-rotor motor integrated magnetic gear (MIMG) in a
series-parallel hybrid drive train.
directly transferred via M/G2 to the output shaft in a mechanical way:
Ps = Ts,mΩs (2.23)
with Ts,m the torque of the magnetic field onto the segment rotor, and Ωs equal to
the output speed. The remaining part is exchanged with the dc-bus using inverter
1. With the sign conventions of Fig. 2.22 this power equals:















where (B.2) and (B.3) have been used. The inner rotor inverter power is thus pro-
portional to the torque produced by the internal combustion engine Tin = −Th,m,
and to the weighted speed difference between the input and output rotor. Note that
this is exactly the same as the power converted by the inner rotor inverter of an
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Using M/G2 finally, the torque on the output shaft can be controlled. The
torque produced by this motor equals the difference between the desired output
torque Tout and the torque Ts = −nsphTh,m =
ns
ph
Tin on the segment rotor. From this
torque and the knowledge of the resulting speed Ωs, the electrical power converted









It can be concluded that the power converted by the inverter connected to M/G2 is
proportional to the output speed Ωout = Ωs and to the weighted torque difference
between the desired output torque and the torque produced by the ICE. Also here,
this is exactly the same as the power converted by the stator inverter of an EVT





















Pel,MIMG > 0Pel,MIMG < 0
Figure 2.23: Power flow in a triple rotor motor integrated magnetic gear.
The power flow in a series-parallel system with MIMG is summarized in
Fig. 2.23 and looks the same as the power flow in the EVT as shown in Fig. 1.5,
and the power flow in the THS as shown in Fig. 2.15. The first quadrant is again
divided in six regions, depending on the difference between the input and output
torque and speed. Also the line of zero battery power has been added, in which the
input power exactly matches the output power. Along this line the system works as
an electromagnetic CVT. The further the output power operating point is removed









2.5 Electromagnetic Power Split Transmissions Based on a Magnetic Gear 51
Conclusion
The system described in this subsection is an electromagnetic output coupled
power split transmission, using the magnetic equivalent of a mechanical planetary
gear. As for the EVT, the electrical power converted by the first inverter is
proportional to the speed difference between input and output rotor. The second
inverter converts electrical power which is proportional to the torque difference
between input and output shaft. In fact, this system is from functional point of
view, and in steady-state, equivalent to an EVT with fixed gear between the prime
mover and the inner rotor. In contrast to the dual rotor machine equivalent, no slip
rings are required which reduces maintenance and saves axial length. On the other
hand, the system is expected to have higher no-load losses than the EVT due to
the high electrical frequencies required, and due to the high harmonic content of
the magnetic flux density in the iron. Also a higher torque ripple is expected.
2.5.2 Dual-Rotor Motor Integrated Magnetic Gear
The triple rotor motor integrated magnetic gear as described above has some inher-
ent disadvantages. Due to the three rotors, the bearing configuration and mechani-
cal design is complicated. Also, the peak magnetic torque is limited by the design
of the magnetic gear element, i.e. no overload torque can be provided. Finally, a
lot of permanent magnet material is required. On the other hand, the control rotor
(low-pole-number, high speed rotor) in Fig. 2.22 is not mechanically connected to
any other part of the transmission. Its only role is to provide a rotating magnetic
field with variable rotational speed, in order to fulfill its functionality as magnetic
gear. Its speed is hereby controlled by the stator which interacts with the magnets
on the outside of the control rotor. However, the stator windings hereby also pro-
duce a rotating magnetic field. Theoretically, the control rotor can thus be removed,
and the rotating magnetic field can be provided by the stator, having the same num-
ber of pole pairs as the original control rotor. In [?, ?, 62–64] an investigation into
a double rotor magnetically geared device is presented. This topology, which is
shown in Fig. 2.24, was also investigated in [65]. Besides a simpler mechanical
design, this machine needs less PM material for the same functionality. Also, an
overload torque can be provided by temporally overloading the stator with higher
currents. On the other hand the efficiency of the first prototype seems to be lower
than that of the triple-rotor equivalent of [61], caused by the increased iron losses
in the stator.
Power Flow and Operating Principle
A schematic of a dual-rotor motor integrated magnetic gear was shown in Fig. 2.24.
In the figure, the stator contains pl pole pairs, the segment rotor has ns segments,




















Figure 2.24: Schematic of a dual-rotor motor integrated magnetic gear. Number of pole
pairs: ph = 9, ns = 16 and pl = 7.
(high-pole-number, low speed rotor) and the segment rotor originate from the mag-
netic planetary gear as described in Appendix B. The magnetic field produced by
the magnets on the magnet rotor is again modulated by means of the segment rotor.
The modulated magnetic field, as seen in the outer air gap, contains different har-
monics of which the largest one has pl = ns−ph pole pairs. In the case of Fig. 2.24
this is a 7 pole pair magnetic field. Note that also a magnetic field with the original
ph = 9 number of pole pairs can be seen in the outer rotor, see equation (B.9) in
Appendix B. Both the pl = 7 and the ph = 9 pole pair magnetic fields have similar
magnitudes. Therefore it is important that the winding configuration of the stator
is designed as such to only couple with the pl = 7 pole pair field. In [65] different
windings configurations were to this end examined. A double layer concentrated
winding was chosen with 21 slots since this winding has a very low winding factor
for the ph = 9 pole pair field. Another mentioned aspect of the parasitic ph = 9
pole pair field in the outer air gap is that it increases the iron losses in the stator
core. This will yield higher no-load losses, inherently expected for these type of
machines. Nevertheless, a maximum efficiency under load of 94% has been mea-
sured as can be seen in [65]. For the measurements, the inner (high-pole-number)
rotor and segment rotor were driven at different speeds between 0 and 4000 rpm
by external electrical machines. The torque on the shafts was hereby produced by
the stator, supplied at rated current magnitude. The frequency of the stator current
finally was determined by (B.2) The measurements are performed on a demonstra-
tor machine with an active outer diameter of 300 mm and active axial length of
50 mm which has been constructed for a typical mid-size passenger car. However
note that this efficiency does not include inverter losses. Also, in order to have the
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be added, increasing the total loss in the system. [66] clearly mentions some other
points of attention for this type of systems. The high number of pole pairs in these
systems, required to avoid unacceptable cogging torque, lead to very high electrical
operating frequencies. This may lead to increased no-load losses which are espe-
cially unwanted in automotive applications. Also, due to the presence of different
space harmonics in the outer air gap, the induced voltages in the stator windings
phases lacks three phase symmetry, leading to severe torque ripple, as also shown
in [67]. The author of [66] therefore proposes to axially divide the machine in three















Figure 2.25: Schematics of a dual-rotor motor integrated magnetic gear (MIMG) in a
series-parallel hybrid drive train.
This system finally is shown in Fig. 2.25. The different power flows can be cal-
culated the same way as in subsection 2.5.1. The idealized power flow equations
would be exactly equal as in subsection 2.5.1 if the high-pole number rotor was
connected to the input (the combustion engine) and the segment rotor to the output
shaft. However, in the configuration of Fig. 2.25 and in [65], a different configura-



























The system described in this subsection is an electromagnetic output coupled
power split transmission. In contrast to the dual rotor machine equivalent, no slip
rings are required which reduces maintenance and saves axial length. On the other
hand, the system is expected to have higher no-load losses than the EVT due to
the high electrical frequencies required, and due to the high harmonic content of
the magnetic flux density in the iron. Also a higher torque ripple is expected.
2.5.3 Dual-Stator Dual-Rotor Motor Integrated Magnetic Gear
The triple rotor system of subsection 2.5.1 could be reduced to a double rotor sys-
tem in the previous subsection 2.5.2. Both systems however still need a secondary
machine M/G2 in order to control the torque on the output shaft independently from
the torque produced by the combustion engine. In [67] the authors go one step fur-
ther by integrating this second electrical machine into the MIMG. This machine
can schematically be seen in Fig. 2.26 and is here called a dual-stator dual-rotor












Figure 2.26: Schematic of a dual-stator dual-rotor motor integrated magnetic gear. Num-
ber of pole pairs: ph = 18, ns = 28 and pl = 10.
When comparing this figure with Fig. 2.25 there are two main differences.
First, the stator now consists of two windings with a different number of pole pairs.
The primary stator number of pole pairs pl is still related to the number of pole
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ns− ph. The secondary stator on the other hand has the same number of pole pairs
ns as the segment ring. The second main difference is that the non-ferromagnetic
pole pieces of the segment ring have been replaced by permanent magnets. The
modulating effect of this ring is maintained, since permanent magnet material has
a low magnetic permeability (µr ≈ 1.05). Note that all the magnets have the
same orientation14 in Fig. 2.26. The inner rotor, segment rotor and primary stator
thus form a dual-rotor motor integrated magnetic gear as discussed in subsection
2.5.2. However, the secondary stator can interact with the segment rotor as well,
since their numbers of pole pairs are chosen equal. The secondary stator - segment
rotor combination thus replaces the extra electrical machine which was required
in subsections 2.5.1 and 2.5.2. This way the same functionality is realized by one
compact machine. However, there is one more difference to be mentioned with
respect to the previous subsection. The secondary stator interacts with the segment
rotor (the input rotor), whereas M/G2 in Fig. 2.22 interacts with the inner rotor
(the output rotor). This makes the resulting system to be input coupled rather than
output coupled. The system of Fig. 2.26 is thus equivalent to a dual-rotor MIMG
with an M/G2 acting on the input rotor15.
Power Flow and Operating Principle
A schematic of a dual-stator dual-rotor motor integrated magnetic gear (MIMG) in
a series-parallel hybrid drive train is shown in Fig. 2.27.
The torque on the output shaft equals the magnetic torque Th,m on the high-
pole-number inner rotor with ph pole pairs. The set point for the output torque
is translated to a set point torque Tl,m on the primary stator, and also results in a













The torque Tl,m can be controlled by controlling the currents in the primary wind-
ing. As a result a certain electrical power Pel,MIMG is supplied to this winding:








where the magnetic Willis equation (B.2) has been used to calculate the speed Ωl of
the primary stator magnetic field, and (2.29) to calculate the torque on this winding.
14The red colored magnets in the figures can be seen as magnets having their north pole radially
outwards, while the blue magnets in the previous figures can be seen as having their north pole
radially inwards. In Fig. 2.26 no magnets with radially inward flux density vector are present. They
have been replaced by iron conducting the magnetic flux radially inward.
15If the secondary stator was designed to have the same number of pole pairs of the inner rotor,
an output coupled system would result. This system would have the same functionality (if idealized























Figure 2.27: Schematics of a dual-stator dual-rotor motor integrated magnetic gear
(MIMG) in a series-parallel hybrid drive train.
Again, this electrical power is proportional to the (weighted) speed difference be-
tween both rotors. However, in contrast to an output coupled system, the electrical
power is proportional to the output torque16.
The torque Ts,m = −nsphTout on the other hand is the resulting magnetic torque
that loads the internal combustion engine. At the input side however, a torque
Tin is desired that operates the combustion engine in its most favorable operating
point. To this end the secondary stator winding can be used to provide this torque









Again, this power is proportional to the torque difference between both shafts.
However, in contrast to an output coupled system, the electrical power is also pro-
portional to the input speed17. These power relations finally are summarized in
16For an output coupled system the proportionality was related to the input torque.










Fig. 2.28. The figure shows again how the power flows in the system vary as func-




















Pel,MIMG > 0Pel,MIMG < 0
Figure 2.28: Power flow in an input coupled dual-stator dual-rotor MIMG.
Conclusion
The system described in this subsection is an input coupled power split transmis-
sion. As for the EVT, this system realizes its power split function by means of one
single machine having two concentric rotors. In contrast to an EVT no slip rings
are required which reduces maintenance and saves some axial length. On the other
hand the system is expected to have higher no-load losses than the EVT due to the
high electrical frequencies required, and due to the high harmonic content of the
magnetic flux density in the iron. Also a higher torque ripple is expected as was
already mentioned in subsection 2.5.2.
2.6 Conclusion
In this chapter, the EVT is situated with respect to other power split transmissions.
Most commercially available PSTs on the market today make use of a mechanical
planetary gear to split the power at the input node, or to rejoin the power paths at the
output node. One of these power paths is usually a direct mechanical connection,
while the other power path consists of a so-called variator. Based on the type of
variator, these classical PSTs using a mechanical planetary gear can be subdivided
into mechanical, hydromechanical or electromechanical systems. Further more,
based on the power flow as function of the output-input speed ratio, a distinction
is made between input and output coupled systems. In the first systems, the power
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latter variant, the power transferred by the two power paths is a linear function of
the speed ratio. Besides these classical PSTs, also systems exist that avoid the use
of mechanical gears. The power can hereby be transferred in an electromagnetic
way. In one type of these transmissions, the mechanical planetary gear is simply
replaced by its magnetic equivalent. This magnetic gear is further combined with
two electrical machines. One or both of these machines can be concentrically in-
tegrated in the magnetic gear. Another type of PSTs without mechanical planetary
gear makes use of a so-called dual rotor machine, an electrical machine for which
both the stator and the rotor are made rotating, forming the inner and outer rotor of
the transmission. This dual rotor machine can again be combined with a separate
electrical machine, or the latter can be concentrically integrated in the machine.
The EVT described in this dissertation can be found within this subdivision. With
respect to other EVT topologies in literature, the EVT of this dissertation has a rel-
atively thin yoke, so that the stator and inner rotor cannot be seen as two separate
electrical machines, but as one magnetically coupled entity. Also, on the outer ro-











Electromagnetic Modeling of an
Electrical Variable Transmission
Some basic power flow equations, describing the operating principle of an EVT
were already given in chapter 1. In order to control this kind of electrical machine
and evaluate its performance, a more detailed modeling is required. In this chapter,
it is shown how conventional modeling techniques for electrical machines can be
extended to model an EVT, an electrical machine having two rotors. The models
mathematically represent the relations between voltage, current and flux linkage
with each of the five (equivalent) windings present within an EVT. Also the effect
on the electromagnetic torque on both rotors separately, is covered. The method-
ology is given for a general EVT, whereas all simulation results are given for the
prototype machine.
3.1 Classic Machine Theory applied to the Stator and In-
ner Rotor of a Double Rotor Electrical Machine
If Ohm’s and Faraday’s laws are applied to every winding in an electrical machine,
an analytical relation between the voltage over, the current through and the
magnetic flux linked with the windings of the machine is established. In its
most general form, the resulting system consists of 3n + m coupled differential
equations where n is the number of 3-phase windings in the machine, and m is
the number of dc-field windings. The coupling between the differential equations
is due to mutual magnetic couplings between the windings, and is explicitly
depending on the positions of the rotors with respect to each other. In the classic
machine theory, the system of equations is reduced to a system of 2n + m (or
n + m if vector notation is used) coupled differential equations, by converting
three-phase quantities to an equivalent two-phase system (Clarke transform). Like-









60 Electromagnetic Modeling of an Electrical Variable Transmission
the position of both rotors by projecting the equations on a common synchronous
reference frame as will be done in this section. In this specific reference frame, the
flux linkage components are only a function of the currents, but invariant to the
rotor positions. These flux to current relations can be calculated using static FEM
calculations, and can be stored into look-up tables. The influence of the different
current components on the flux components is the subject of section 3.3
In this section, it will be shown how the methods of the classic machine theory
can be used to simplify the equations describing the relations between the voltage
over, the current through and the magnetic flux linked with the windings of a double
rotor electrical machine. Furthermore, it will be shown how the equations can be
made invariant to the position of both rotors, and under which conditions this is
possible.
As already shown, an electrical variable transmission consists of a stator, outer
rotor and inner rotor. Both the stator and inner rotor contain a three-phase symmet-
rical winding, as is schematically shown in Fig. 3.1. In the figure, the outer rotor is
not specified. It can contain a cage, a three-phase winding, a double array of per-
manent magnets, or a combination of permanent magnets and a dc-field winding
as was discussed in section 2.4. In this section a general electromagnetic model is
derived to model the stator and inner rotor, without knowing the exact outer rotor
topology.
3.1.1 Electromagnetic Relations
The relations between voltage, current and flux are in the classic machine theory
based on Ohm’s and Faraday’s law for electromagnetism stating that the voltage
over each winding consists of a resistive and inductive part:
V(t) = RI(t) +
d
dt




Vsa Vsb Vsc Vr1a Vr1b Vr1c
]T ∈ R6×1 (3.2)
is the matrix containing the voltages over the stator and inner rotor phases as
function of time. The vectors I ∈ R6×1 and Ψ ∈ R6×1 are defined in an analog
manner and contain the current trough and the flux linked with the stator and inner
rotor phase windings. The matrix R = diag (Rs, Rs, Rs, Rr1, Rr1, Rr1) ∈ R6×6
in (3.1) contains the stator and inner rotor resistances on its diagonal elements.
The resistances Rs and Rr1 depend on the temperature (about 0.4% increase per
Kelvin for copper) and on the frequency of the currents due to skin and proximity






















Figure 3.1: Schematic of a double rotor electrical machine.
Assumption 1: the skin and proximity effect on the winding resistance is
ignored.
The flux linkage Ψ(t, θr1, θr2) in (3.1) depends explicitly on the inner and
outer rotor position, and the currents in the stator and both rotors. Also the exact
geometry of the machine and the properties of the iron and the magnets determine
the magnetic field distribution in the machine, and thus the flux linked with each
winding. The calculation of this second term in (3.1) would require a transient
finite element calculation, taking into account the position of both rotors and the
currents in all windings. However, under certain conditions, the equations can
be made independent of the rotor positions and thus invariant to time. In the
classic theory, this is done by projecting the stator and inner rotor equations onto
a common reference frame. This reference frame can for instance be fixed to the
outer rotor in case of a PM EVT. The flux linkages in this reference frame are
then only function of the current components in the same reference frame and are
independent of the rotor positions. These current to flux relations can be stored in
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can be derived for a double rotor machine is examined here, as are the conditions
under which the model can be used.
3.1.2 Clarke Transform to an Equivalent two-phase system for Stator
and Inner Rotor
As already stated, both the stator and inner rotor of the EVTs considered here
contain a three-phase symmetrical winding. They are symmetrical in the sense
that the three phase windings are identical, but 120◦ phase shifted (in a two-pole
representation, electrical degrees):
Assumption 2: the machine is three-phase symmetrical
Furthermore the windings of all phases are distributed in slots. The distribution
is as such that the MMF produced by stator and inner rotor currents in both air
gaps is approximately a sinusoidal function of the angular position in the air gaps:
Assumption 3: the phase windings are sinusoidally distributed
Higher spatial harmonics are filtered out using this winding configuration. Note
that this assumptions only relates to the spatial distribution of the MMF produced
by the phase currents, and not to the evolution of current as function of time. Un-
der assumption 3, the MMF produced by each phase current can be decomposed,
as if it where produced by two fictitious currents in two fictitious sinusoidally dis-
tributed orthogonal windings (in a two-pole representation). These latter windings
are oriented along the so-called α and β-axis, as shown in Fig. 3.2 for stator and
inner rotor.
The figures show the spacial orientation of the axis1 of the three phase wind-
ings, and the α and β windings. The α-axis is defined to coincide with the axis of
phase a, with the β-axis perpendicular to it, as shown in Fig. 3.2. Since, accord-
ing to assumption 2, the windings are 120◦ phase shifted, the projection or Clarke






where X can be voltage (V), current (I) or flux linkage (Ψ), and
1The axis of a winding indicates the angular position of the maximum of the (sinusoidal) MMF
























Figure 3.2: Two-phase equivalent modeling, two-pole space-vector representation. The





















 ∈ R3×3 (3.4)
the so-called Clarke transformation matrix. Note that zero sequence quantities Xγ
are mostly ignored because either the sum of the voltages (delta connection) or the
sum of the currents (star connection) is always zero2. Also note that a factor 23 is
present so that a current vector Iα + jIβ in the αβ plane has the same modulus as
a corresponding amplitude of the three-phase symmetrical set of phase currents3.
In the spacial vector representation of Fig. 3.2 such a current vector indicates the
position of the maximum of the corresponding MMF wave form. The projection
of the current vector onto the α and β axis gives the corresponding current in
the (fictitious) α and β windings at that time instant. For the inner rotor, these
windings rotate along with the physical rotor. The projection of a voltage vector
on the α and β axis, gives the voltages at the same time instance that have to be
applied to be in equilibrium with the resistive and inductive voltage drop over the
orthogonal equivalent windings.
2Zero sequence voltages do cause a potential difference between the machine and inverter neutral
point.
3According to the Ferraris theorem the MMF produced by a set of three-phase symmetrical cur-
rents in a three-phase symmetrical machine has a factor 3
2
higher magnitude than the MMF wave
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Vc = TcV =
[
Vsα Vsβ Vsγ Vr1α Vr1β Vr1γ
]T ∈ R6×1 (3.8)
the voltage vector components of stator and inner rotor. The matrices Ic ∈ R6×1
and Ψc ∈ R6×1 are defined in an analog manner. Both the stator and inner rotor
three-phase quantities are thus converted to an equivalent, but different for stator
and inner rotor, two-phase reference frame. For the inner rotor, this reference frame
is rotating along with the inner rotor itself. Note that, if the zero-sequence quanti-
ties are ignored, also a complex notation can be used to make the equations more
compact. In this case, (3.7) still holds, but with
Vc =
[
Vsα + jVsβ Vr1α + jVr1β
]T ∈ C2×1 (3.9)
The matrices Ic ∈ C2×1 and Ψc ∈ C2×1 are again defined in an analog manner.
The resistance matrix Rc then reduces to diag(Rs, Rr1) ∈ R2×2.
3.1.3 Projection onto a Common Reference Frame
The last step in the model derivation in the classic machine theory is done by
projecting the equations onto a common reference frame for stator and inner rotor.
In order to make the equations invariant to the rotor position, a synchronous ref-
erence frame is chosen. For an EVT with PM’s, this reference frame rotates along
with the outer rotor. With θr2 and θr1 the (electrical) angles of the outer and inner
rotor with respect to the stator respectively, the transformation to a synchronous
reference frame can be performed using4:
4For an induction machine based EVT, this reference frame rotates with a certain slip with respect
to the squirrel-cage rotor. In the transformation (3.10), θr2 should hence represent the position of the


















































Since the transformation matrix Tqd is a function of time, the chain rule applies in
the time-derivation of the flux, resulting in:
Vqd(t) = RqdIqd(t) +
d
dt




Vsq + jVsd Vr1q + jVr1d
]T ∈ C2×1 (3.13)
and the matrices Iqd ∈ C2×1 and Ψqd ∈ C2×1 defined in an analog manner.






















ωr1 and ωr2 are the electrical speeds of the inner and outer rotor respectively. They
are the derivative of the electrical inner and outer rotor positions θr1 and θr2 re-
spectively. They can also be calculated from the mechanical speeds Ωr1 and Ωr2 of








Relation (3.12) forms a system of 2 complex or 4 real coupled differential
equations. The coupling between the equations is within the flux terms.
3.2 System of Coupled Differential Equations for a Dou-
ble Rotor EVT with Hybrid Excitation
The relation (3.12) can be used for any type of EVT having a distributed winding
on stator and inner rotor. For an induction machine based EVT, attention needs to
be paid to the position of the magnetic field, which is not fixed to the outer rotor
anymore. The difference between different types of EVTs can mainly be found
in the outer rotor design, as was illustrated in section 2.4. For each type of EVT,
the outer rotor should be modeled as well. Since this dissertation is about an EVT
with hybrid excitation, the final resulting system of differential equations is given
for this type of EVT. The modeling of an induction machine based EVT has also
been performed, and can be found in [40].
For the outer rotor of a hybrid excited EVT, the same procedure can be followed
as for the stator and inner rotor. However, the speed of the dc-field winding on
the outer rotor with respect to the qd reference frame, which was linked to the
permanent magnets, is zero. To this end, the relation between voltage, current and
flux linkage can be written as:




Note that the flux Ψr2d, linked with the dc-field winding, is also a function of
the stator and inner rotor currents. Finally, both (3.12) and (3.17) are combined
in (3.18) in coordinate notation. The analytical system of coupled differential
equations describes the relation between the voltage over, current through and flux
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The equations are non-linear in two ways. First, the induced voltage in the wind-
ings depends on the product of electrical frequency and flux linkage and on the
time derivative of the flux linkage itself. For the PM-type of EVT described in this
dissertation, the electrical frequency is directly related to the speed of both shafts.
These speeds are related to the electromagnetic torque and the load torque on both
shafts.
Secondly, (3.18) is non-linear since the flux linkages are non-linear functions
of the current in the different windings and axes. This will be described into detail
in section 3.3. 
Vsq = RsIsq +
dΨsq
dt − ωr2Ψsd
Vsd = RsIsd +
dΨsd
dt + ωr2Ψsq
Vr2d = Rr2Ir2d +
dΨr2d
dt
Vr1q = Rr1Ir1q +
dΨr1q
dt − (ωr2 − ωr1)Ψr1d
Vr1d = Rr1Ir1d +
dΨr1d
dt + (ωr2 − ωr1)Ψr1q
(3.18)
In a real world application, the stator and inner rotor terminals are both connected
to an inverter. The outer rotor is connected to a variable-voltage dc-supply. For
the stator and both rotors the inputs are thus the voltages, while the current and
flux linkage are outputs. From the current and flux linkages, the electromagnetic
torque on both shafts can be computed, as will be described in subsection 3.5.1. To
simulate the operation of an EVT, (3.18) thus needs to be inverted. To do this, the
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68 Electromagnetic Modeling of an Electrical Variable Transmission
In the latter equation, J(Ψ) represents the Jacobi matrix of the function Ψ defined
as:
[Ψsq,Ψsd,Ψr2d,Ψr1q,Ψr1d] = Ψ (Isq, Isd, Ir2d, Ir1q, Ir1d) (3.21)
with Ψ : R5 → R5 a non-linear vector function of the currents. Using this nota-
































The later system (3.22) forms a state space model with can be solved for the cur-
rents, if the voltages and rotational speeds of both rotors are given. Also, the func-
tion Ψ in (3.21) needs to be known. This relation between the five flux components
and five current components for a hybrid excited EVT is the subject of section 3.3.
This model finally, will be experimentally verified on the prototype machine in
subsection 3.6.3.
3.3 Current to Flux Relations for a Hybrid Excited EVT
In order to solve the dynamical model (3.19), to calculate the electromagnetic
torque on both rotors (section 3.5), to define an optimal torque control algorithm
(chapter 4) , and to calculate the losses (chapter 5) and power flows (section 1.4) in
the machine, the flux linkage with the different windings is needed in all possible
operating points. In its most complete form, the flux linkage with each winding is
a function of all five current components in the machine, being the stator q- and d-
axis currents Isq and Isd, the dc-field current Ir2d, and the inner rotor q- and d-axis
current components Ir1q and Ir1d, as was given in (3.21). For every set of currents,
the function Ψ can be numerically evaluated using FEM. This results in an accurate
but slow model. In order to decrease the computation time of the models, the flux
to current relations are computed offline, and are stored in look-up tables (LUTs).
To calculate the flux linkage for a given set of currents, interpolation is being used.
These LUTs form the back-bone of all torque, power and loss calculations in this
dissertation. To this end, it is important to understand the influence of the different
current components on the flux linkages, the solution of (3.21), which is the sub-
ject of this section. In the following, the effect of the different current components
on the different flux components is given for an EVT with hybrid excitation. The






















































































Figure 3.4: No-load magnetic field, at zero dc-field current (Ir2d = 0 A). Also the flux
bridge and dc-field winding are highlighted.
3.3.1 The No-Load Magnetic Field: Influence of the dc-field Current
In no-load condition, the stator and inner rotor three-phase windings are discon-
nected, so that the permanent magnets and the dc-field winding are the only sources
of MMF. The magnetic field at zero dc-field current (Ir2d = 0 A) is visualized in
Fig. 3.4, along with the direct and quadrature axis. In the figure, 45◦ mechanical
degrees of the machine geometry is visualized, representing 180◦ electrical degrees
for this four pole pair machine. The figure background color represents the magni-
tude of the magnetic flux density as shown on the color bar. Also the flux density
vectors are given, indicating the flux density magnitude and direction.
As can be seen in Fig. 3.4, there are two main flux paths to be distinguished for
the resulting permanent magnet flux. This is also schematically shown in Fig. 3.5a.
At zero dc-field current (Ir2d = 0 A), the main part of the flux produced by the
magnets links with the flux bridge and the inner rotor, and is schematically repre-
sented by flux path 1 in Fig. 3.5a. On the other hand, since the flux bridge saturates
due to the non-linearity of the iron, the remaining part of the permanent magnet
flux links with the stator and inner rotor, represented by flux path 2 in Fig. 3.5a.
In Fig. 3.4 the dc-field current was zero. The flux linkage with the stator can
however be modulated by the use of this dc-field winding. In order to understand
the use of this current component, its effect on the flux linkage with stator and inner



















(b) |Ir2d| > 6 A
Figure 3.5: Main no-load flux paths.
In Fig. 3.6, different field plots are shown corresponding to different dc-field
currents, while all other current components are zero. As shown in the figure, if the
magnitude of the dc-field current is increased, more and more flux links with the
stator. The inner rotor flux linkage is hereby almost not affected, as can be seen in
the figures where the flux density in the inner rotor remains unchanged. This is due
to the specific geometry of the machine with the flux bridge and dc-field winding
in the outer rotor. When a current is sent through the dc-field winding, an MMF is
produced over the flux bridge, causing the flux density in this location to decrease,
i.e. the flux bridge is being demagnetized. As a result, less flux is linked with path
1 in Fig. 3.5a, while more flux is linked with path 2. This can indeed be seen by
examining the flux bridge in Fig. 3.6a to Fig. 3.6c. In the stator yoke however,
the effect of the dc-field MMF is causing the flux to increase since it adds to the
MMF produced by the PM’s. At a certain dc-field current (Ir2d = −6 A for the
demonstrator machine) the flux through the flux bridge is zero. All physical flux
linking with the inner rotor links with the stator as well. This is the case in Fig 3.6d.
If the magnitude of the dc-field current is increased even more, the direction of the
magnetic flux density vector in the flux bridge reverses and its magnitude increases
again. A new flux path is created, denoted by path 3 in Fig. 3.5b, increasing with
the magnitude of the dc-field current. This is also shown in Fig. 3.6e and Fig. 3.6f
where it can be seen that the stator flux linkage is further increasing.
Finally, the evolution of the stator and inner rotor flux linkage Ψsd and Ψr1d
as function of the dc-field current Ir2d in shown in Fig. 3.75. From this figure it
can be seen that the stator flux linkage Ψsd is a non-linear function of the dc-field
current Ir2d. The non-linearity is related to the non-linear relation between the
5The flux linkages are calculated by FEM for a fixed position of the rotors. Due to the effect of
the slotting on the magnetic field in the machine, these flux linkage will vary a little bit as function
of the rotor positions. This fluctuation however is low for this machine, and will not be taken into















































































































































































































































































































(f) Ir2d = -10 A
Figure 3.6: Influence of the dc-field current Ir2d on the magnetic flux distribution.
magnetic field strength H and magnetic flux density B of the iron flux bridge. At
limited dc-field current (|Ir2d| < 3.7 A) the flux bridge is heavily saturated, see
for instance Fig. 3.6a. In this region, the effect of a current on the flux density
is low, resulting in a low variation of the stator flux linkage Ψsd with the dc-field
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Figure 3.7: FEM calculation of the no-load stator d-axis flux Ψsd and inner rotor d-axis
flux Ψr1d as function of excitation current Ir2d. Also the flux through the flux
bridge Ψfb is shown.
low flux region in this dissertation. If more dc-field current is injected into the
negative d-axis (3.7 A < |Ir2d| < 7.5 A) the flux density in the flux bridge is low
as was shown in Fig. 3.6d. This results in a higher variation of the flux density B
with the dc-field current since the operating point is situated on the linear part of
the BH curve of the iron yoke. This interval on the horizontal (dc-field current)
axis is called the magnetic linear region. Finally, if even more dc-field current is
applied along the negative d-axis (7.5 A < |Ir2d|) the flux bridge saturates again
as was shown in Fig. 3.6e and Fig. 3.6f. This results again in a lower variation of
the stator flux linkage Ψsd with the dc-field current Ir2d and is called the high flux
region. On the other hand, the dc-field current Ir2d has only a limited effect on the
inner rotor flux linkage Ψr1d. This is due to the permanent magnets in between
both rotors having a low magnetic permeability. Finally also the flux through the
flux bridge is shown, reversing direction at |Ir2d| = 6 A. At this specific dc-field
current, the stator and inner rotor flux linkage Ψsd and Ψr1d are equal6. Note that
this characteristic in Fig. 3.7 is in fact a 1D incision of the 5D current space. The
influence of other current components on the different flux linkages will be shown
in subsection 3.3.3.
With the current geometry, the inner rotor - outer rotor combination can be
seen as a PMSM machine with a rotating winding (on the inner rotor) supplied by
slip rings. The outer rotor - stator combination can be seen as a separately excited
synchronous machine, a machine that gains more and more attention for electric
vehicle applications [68]. The correspondence is particularly clear if the MMF over
6In Fig. 3.7, all flux linkage have been referred to the number of stator windings in order to be
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the flux bridge is low as in Fig. 3.6d. If Ampere’s law is used with an integration
path linking with the stator and through the flux bridge (for instance flux path 3 in
Fig. 3.5b), it can be seen that the stator-MMF is entirely produced by the dc-field
winding alone. The PM MMF then only determines the path of the flux related to
the dc-field winding, but does not contribute to it. This approach is not valid if the
flux bridge is heavily saturated.
3.3.2 Use of the Flux Bridge and dc-Field Winding
In the previous subsection, the influence of the dc-field current Ir2d on the stator
and inner rotor flux linkage was shown. The reason for the specific outer rotor
topology with flux bridge and dc-field winding is related to the use of an EVT in
automotive applications. When mechanically coupled to an internal combustion
engine, the torque on the inner rotor will be relatively high. To this end, a high
flux linkage with this rotor is required at all times. The stator torque (outer air
gap torque) on the other hand bridges the gap between the ICE torque and the
torque required at the wheel-shaft, as was given by (1.2). In [46] the torque on
both rotors of an EVT was analyzed during the Japanese-mode 1015 driving cycle.
The paper shows that the torque produced by the stator currents is lower than
50 Nm during 80% of the time, while the maximum stator torque requirement
exceeds 300 Nm. From this numbers it can be seen that only a limited stator flux
is required, since stator flux linkage is responsible for the main part of the iron
losses in the machine, as will be shown in chapter 5. If a higher stator torque
is required, the stator flux linkage can be modulated using a combination of the
dc-field winding and the stator winding itself. By sending high currents through
the dc-field winding, high stator peak torques can be achieved. Another reason for
the field winding - flux bridge combination in the outer rotor is the stator inverter
rating. If no dc-field winding were present, the stator inverter would have to supply
much higher d-axis current to modulate the stator magnetic field, resulting in a
higher kVA rating of the inverter. In the current EVT topology, part of the d-axis
current is provided by the dc-field winding. On the other hand, this system needs a
variable dc-supply and two extra brushes, increasing the complexity of the system7.
3.3.3 Influence of the Stator and Inner Rotor Currents on the Mag-
netic Field
The previous subsection described the effect of the PM’s and the dc-field current
Ir2d on the stator and inner rotor flux linkage. In order to produce electromagnetic
torque on both rotors, also the stator and inner rotor are supplied with currents, see
section 3.5. These currents influence the magnetic flux density in the machine, and
cause the flux linkage with the different windings to change. The electromagnetic
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torque depends on both the flux linkage and the current through the windings. In
order to understand the working principle of this EVT, and to develop an optimal
torque control algorithm in chapter 4, the evolution of the flux linkage as function
of the current components needs to be understood. Especially the stator d-axis flux
has an interesting evolution as function of the different current components due
to the hybrid excitation of the stator. Also the other flux components are shortly
discussed later on in this subsection.
Stator d-axis Flux
Next to the dc-field current Ir2d, also the stator d-axis current can modulate the
stator flux linkage Ψs. This current is supplied by the stator inverter, and has a
similar effect on the magnetic flux density in the machine as the dc-field current.
Both current components can thus optimally be combined to produce a certain
stator flux linkage. However, it will be shown in chapter 4 that the effect of both
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Figure 3.8: Calculated flux linkage with stator d-axis Ψsd as function of the d-axis stator
current Isd for different dc-field currents Ir2d. All other current components
are zero. For zero dc-field current (Ir2d = 0 A) the influence of the stator
q-axis Isq current is shown as well.
Here, the most important effects of the different current components on the sta-
tor d-axis flux linkage are highlighted. In Fig. 3.8 the influence of the stator d-axis
current Isd on the stator d-axis flux linkage Ψsd is shown for different dc-field cur-
rents Ir2d. As can be seen in the figure, the shapes of the Ψsd−Isd curves resemble
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low-flux region, a magnetic linear region and a high-flux region. The effect of the
d-axis stator current Isd on the d-axis stator flux linkage Ψsd is thus similar of that
of the dc-field current Ir2d. However there are some differences to be mentioned.
The stator windings are distributed in slots. Consequently, the spatial distribution
of the magnetomotive force F produced by the stator current in the air gap will
be more or less sinusoidal. The magnetomotive force F over the air gap produced
by the concentrated dc-field winding on the outer rotor is constant in between two
slots, and varies linearly at the location of the dc-field winding itself. This can











Figure 3.9: Idealized MMF over the outer air gap produced by the stator d-axis current Isd
and the dc-field current Ir2d.
In order to compare both sources of stator d-axis flux, as also shown in [69],
the magnetic linear part as described in the previous subsection is considered. In
this part, both the stator and the outer rotor iron have a very high permeability so
that the magnetic field strength H in the iron is almost zero, and so is the mag-
netomotive force F . Considering a field line linked with both the stator and the
dc-field winding (e.g. flux path 3 in Fig. 3.5b), Ampere’s law can be used to give
an idea of the magnetic field distribution in the air gap. Note that these derivations
are only given show the difference between both current components and to under-
stand the evolution of the stator flux in Fig. 3.8. When the stator flux linkage is
required, FEM calculations or interpolations in look-up tables are used. In (3.23)
and (3.24) the fundamental harmonics of the air gap magnetomotive force F are




































76 Electromagnetic Modeling of an Electrical Variable Transmission
The winding distribution factor for the fundamental harmonic component is repre-
sented by ξ1, whereas a = 4 is the number of parallel branches, and w the number
of windings in series per pole and per phase. Values for the prototype machine are
given in table 1.1. The equations show that in order to produce the same funda-





















Indeed, if Fig. 3.7 and Fig. 3.8 are compared, the corresponding stator d-axis flux
Ψsd can be referred to the outer rotor by using the ratio r. Also in Fig. 3.8, since
Ir2d is augmented with 2 A for every curve, the curves are horizontally shifted by
2r = 27 A. The finite element method (FEM) results thus show that this simple
analysis can explain the equivalence of both current components. The comparison
is accurate for the linear part, but still gives a good comparison if the flux bridge
or the stator are saturated. It is thus the sum of Isd and rIr2d that determines the
flux linkage in Fig. 3.8. In this dissertation Isd,equiv = Isd + rIr2d is called the
equivalent d-axis current, where rIr2d can be seen as an equivalent stator current.
In subsection 3.3.1 the magnetic linear region was defined for the dc-field current
Ir2d ∈ [-7.5 -3.7] A. If both a stator d-axis current and dc-field current are present,
the magnetic linear region can now be defined for Isd,equiv ∈ [-7.5r -3.7r] A ≈
[-100 -50] A for the demonstrator machine.
Note that also the stator q-axis current Isq has a (small) cross-effect on the
stator d-axis flux linkage. This is shown in Fig. 3.8 where the magnetic linear part
is shifted to lower d-axis currents, and finally disappears for (in absolute value)
high q-axis stator currents. The reason for this is local saturation of the stator yoke
due to the high stator currents. Since part of the stator is saturated, an increase
in d-axis stator current will only have a small effect on the stator flux linkage.
Consequently the magnetic linear region disappears.
Finally, also the inner rotor currents have a small effect on the stator d-axis flux
linkage as shown in Fig. 3.10. Investigating the influence of this current compo-
nents on the stator flux linkage is necessary to see the effect of magnetic coupling
between stator and inner rotor on the optimal torque control in chapter 4. The inner
and outer rotor are separated by permanent magnets, having a relative permeability
of 1.05. Consequently the effect of inner rotor currents on the stator flux will be
lower. A flux weakening (positive) d-axis inner rotor current Ir1d causes the flux
bridge to desaturate, and thus causes the magnetic linear region to slightly shift
towards higher d-axis stator currents as can be seen in the figure. If the flux bridge
is desaturated (in the magnetic linear region), the influence of the inner rotor cur-
rents on the stator flux linkage is negligible since the MMF produced by the inner
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Figure 3.10: Influence of the inner rotor d-axis current Ir1d on the stator flux linkage.
where there is no difference between the different curves in the magnetic linear
region. If the flux bridge is heavily saturated, as for instance in the low flux region,
some interference between stator flux and rotor current can be noticed, i.e. the
curves are further apart.
Stator q-axis Flux
Also the q-axis stator flux Ψsq determines the stator torque of the EVT. This flux
component is mainly a function of the q-axis stator current Isq with few influence
of other current components.
The q-axis stator flux is in every operating point an uneven function of the
stator q-axis current, if the influence of the inner rotor q-axis current is ignored.
The cross-effect of the d-axis currents Isd, Ir2d and Ir1d is limited to negative
currents due to saturation of the q-axis flux paths. This is shown in Fig. 3.11 for
different d-axis stator currents. The effect of the dc-field current Ir2d and inner
rotor d-axis current Ir1d is similar, although the effect of the latter is much smaller.
The effect of the q-axis inner rotor current Ir1q is very small.
Inner Rotor d-axis Flux
Both inner rotor flux linkage components Ψr1q and Ψr1d determine the electro-
magnetic torque on the inner rotor. In no-load, the d-axis inner flux linkage is less
sensitive to the dc-field current Ir2d < 0 as was shown in Fig. 3.7. The reason for
this is that a negative dc-field current desaturates the flux bridge, so that flux path
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Isd = 150 A
Isd = 100 A
Isd = 50 A
Isd = 0 A
Isd = −50 A
Isd = −100 A
Isd = −150 A
Figure 3.11: Influence of the stator current components Isq and Isd on the stator q-axis
flux linkage. All other current components are zero.
The same is true for a negative d-axis stator current, as can be seen in Fig. 3.12,
where the effect of a negative d-axis current is small. If on the other hand a pos-
itive d-axis current is applied, the effect on the inner rotor flux linkage is more
pronounced. A positive d-axis stator current Isd > 0 drives the flux bridge even
more in saturation. Since the reluctance of this path is high, a bigger influence on
the inner rotor flux linkage can be expected, as is visible in Fig. 3.12. In fact the
equivalent d-axis current Isd + rIr2d determines the effect on the d-axis inner rotor
flux linkage. This is illustrated in the figure where Isd+rIr2d = 137.5A+r(−3A) =
100 A. This line almost coincides with the Isd = 100 A at zero dc-field current. A
negative equivalent d-axis current thus slightly magnetizes the inner rotor, while a
positive equivalent d-axis current has a stronger (but still small) demagnetizing ef-
fect. In chapter 4 it will be shown that the stator torque can be optimally controlled
using a positive equivalent d-axis current. This however has the disadvantage that
the inner rotor is being demagnetized as is shown here. Finally it should be men-
tioned that the effect of the q-axis current components on the inner rotor d-axis flux
is very small. Only at very high inner rotor q-axis current, which can occur at high
inner rotor torque, a small decrease in inner rotor d-axis flux can be noticed due to
saturation of the flux paths.
Inner Rotor q-axis Flux
Finally, the inner rotor flux linkage with the q-axis Ψr1q is discussed here. This
flux linkage component is low compared to the stator q-axis flux linkage, as can be
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Isd = 200 A
Isd = 100 A
Isd = 0 A
Isd = −100 A
Isd = −200 A
Isd = 140A , Ir2d = −3A
Figure 3.12: Influence of the inner rotor and stator d-axis current components Ir1d and Isd
on the inner rotor d-axis flux linkage. All other current components are zero,
except for the specific example given in the figure.
function of the q-axis currents, independent of the d-axis currents: Ψr1q(Isq, Ir1q)




to the corresponding tangential inductance in the d-axis ∂Ψr1d∂Ir1d for low currents.
This means that little saliency is present in the inner rotor, which is an important
conclusion concerning the optimal torque control in chapter 4. The cross effects
with the d-axis on this flux component are low.
Symmetry
As remarked above, the all flux linkages are point symmetrical in the q-axis cur-
rents. Consequently Ψq(Isq, Isd, Ir2d, Ir1q, Ir1d) = -Ψq(−Isq, Isd, Ir2d,−Ir1q, Ir1d),
where Ψq can be the stator or inner rotor q-axis flux. Note that the sign of both
q-axis currents needs to be varied at the same time in order for the symmetry
considerations to be valid. This feature will be used in chapter 4 as well.
Conclusion
Previous relations between flux linkages and current have been limited to the main
influences. In the figures above, the influence of certain current components is
considered, while the other current components are kept zero. In reality, all five
currents are present at the same time. This can alter the current-to-flux relations
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Isq = 200 A
Isq = 100 A
Isq = 0 A
Isq = −100 A
Isq = −200 A
Figure 3.13: Influence of the inner rotor and stator q-axis current components Ir1q and Isq
on the inner rotor q-axis flux linkage. All other current components are zero.
tables will be used. Nevertheless the previous is useful to understand the operating
principle of the EVT, its optimal torque control and loss evaluation in the next
chapters. It can be concluded that the effect on the flux linkages of the d-axis
stator current Isd and the dc-field current Ir2d can be combined to the effect of an
equivalent d-axis current Isd + rIr2d. This equivalent current has a pronounced
effect on the saturation state of the flux bridge. The latter flux bridge saturation
state on its turn determines:
• the tangential inductance of, and flux linkage with the stator d-axis, separat-
ing the relation of d-axis stator flux to equivalent d-axis current into a low
flux, magnetic linear and high flux region.
• the cross coupling between stator and inner rotor. The latter is negligible if
the flux bridge relative permeability is high (desaturated). At low relative
permeability (saturated flux bridge) the cross effect between stator and inner
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3.4 PI Current Control for the Stator and Inner Rotor
In (3.19) the relation between voltage and current in a qd-reference frame is given
for the stator, outer and inner rotor of a hybrid excited EVT. Both the stator and
inner rotor are supplied by a separate inverter, both of which are connected back-
to-back to a common dc-bus. By selecting appropriate duty ratios, the q- and d-axis
voltages of the stator and inner rotor can be controlled independently. As a result, a
certain q- and d-axis current will flow through the stator and inner rotor windings.
The resulting currents are the solution of (3.22). When using an EVT as power
split transmission, torque set points will be given to the machine. These torque set
values can be translated to set values for the five independent current components
of the EVT. This optimal current selection will be the subject of chapter 4. In or-
der to apply these currents to the machine, a current controller is required. This
controller adapts the voltages (by adapting the inverter duty cycles) in such a way,
that the desired currents result. As is done for conventional electrical machines,
this can be performed by a PI current controller. The current control algorithm is
shown in Fig. 3.14. Both the stator, outer and inner rotor currents are measured,
and projected onto a common reference frame, fixed to the outer rotor. To this
end, the position measurements θr1 and θr2 of both rotors are used. The set values
I∗ of the five current components on the other hand, are a function of the desired
torque on both rotors, and the measured speed of the rotors, as will be explained
into detail in chapter 4. These set values are compared to the measurements, and
form the input of five PI controllers. Each PI controller determines the set point for
the corresponding voltages. Also a voltage feed forward is added to compensate
for the cross-coupling between q-and d-axis. The output voltages of the PI con-
trollers are finally translated to duty cycles for the inverter switches using a PWM
modulation algorithm. The main difference with current control for a conventional
synchronous machine is the high number of currents to be controlled, i.e. five in-
stead of two. Also, as shown in previous section 3.3, the currents in the different
windings influence each other due to magnetic coupling between them. This forms
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Figure 3.15: PI current control: simulation. Set values are given by the dashed lines.
Outer rotor speed Nr2 = 2000 rpm, inner rotor speed Nr1 = 1500 rpm. The
inverter dc-bus voltage Vdc equals 500 V.
To illustrate the current control, a simulation is shown in Fig. 3.15. During the
simulation, the control algorithm of Fig. 3.14 has been connected to the dynamical
EVT model (3.22). To solve the latter state-space model, the fluxes are calculated
as function of all five current components, based on interpolation in look-up tables,
which were previously calculated using FEM. The inverters are modeled as ideal
inverters, delivering the set point voltages to the machine model. The PWM voltage
is thus modeled by its mean value over one update period of the inverters. A
switching frequency of 10 kHz has been used. The outer and inner rotor speeds
Nr2 and Nr1 are assumed to be constant at 2000 rpm and 1500 rpm respectively.
At t = 50 ms the torque set point T ∗r2 of the outer rotor has been set to 100 Nm,
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torque T ∗s of −100 Nm according to (1.2). As shown in Fig. 3.15c, the torque set
point is reached after about 5 ms, by changing the currents as shown in Fig. 3.15a8.
To this end, the PI controllers change the voltage set points according to Fig. 3.15b.
Also a small disturbance can be seen in the inner rotor q- and d-axis currents Ir1q
and Ir1d, which should be maintained at zero. This is due to the increase in stator
q- and d-axis currents Isq and Isd, changing the inner rotor flux linkage in the
corresponding axis as well. According to Lenz law, a voltage is induced in the
inner rotor windings, trying to compensate for the changing flux, from which a
negative inner rotor current deviation results9. At t = 80 ms, a step of −80 Nm
has been given to the inner rotor as well, while maintaining the outer rotor torque
set point. This results in a step of 80 Nm for the stator torque set point. A small
deviation in the outer rotor torque can be observed, which is mainly caused by
the fact that the inner rotor torque is changed slightly faster than the stator torque.
Changing the inner rotor torque can be performed faster, due to the lower inner
rotor time constant. For the stator, the dynamical response of the currents strongly
depends on the operating point of the stator d-axis current Isd and dc-field current
Ir2d. Especially in the magnetic linear region, as was shown in Fig. 3.7, the stator
inductances are high, resulting in a slower current response. More details about the
dynamical behaviour will be given in subsection 4.6.3. Both the dynamical model
(3.22), and the PI current control will be experimentally verified in subsections
3.6.3 and 3.6.4.
8The PI parameters could be improved to avoid the overshoot at t = 50 ms. However, the same PI
parameters are used as for the experimental setup. The experimental results are shown in subsection
3.6.4.
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3.5 Electromagnetic Torque on Stator, Outer and Inner
Rotor
If an EVT is used as power split transmission, not the flux linkages as described in
previous section, but the electromagnetic torque on both shafts of the machine, is
of importance. The relation between flux linkage and current however can be used
to explain and calculate the electromagnetic torque. In this section, it is shown how
the electromagnetic torque on both rotors of the EVT can be calculated. To this end,
techniques for torque calculation on conventional electrical machines, are simply
extended to be used on a double rotor machine. Also, the different techniques
are compared to each other, and to measurements performed on the demonstrator
machine. It will be shown that the torque calculation, based on the sine product
between flux linkage and current vectors can be used as an accurate and fast way
to calculate the electromagnetic torque. The flux linkages are to this end calculated
by FEM and stored in look-up tables. The knowledge of the torque on both rotors
as function of all five current components is needed in chapter 4 were the optimal
set of currents is discussed as function of the mechanical operating point on both
shafts of the EVT.
3.5.1 Torque Calculation based on Lorentz Law of Magnetic Force
The windings of both the stator and inner rotor of the EVT are distributed in slots,
as is schematically shown in Fig. 3.16. When a current is sent through the windings
the resulting magnetic field in the machine will change accordingly. The interaction
between the current and the resulting magnetic field will result in electromagnetic
torque which can be calculated using Lorentz’s law:
dF = Idl×B (3.26)
with dF the Lorentz force on, and I the current through, an infinitesimal conductor
part. The vector dl has a length dl and is tangent to the conductor, and B finally
is the magnetic flux density vector evaluated at the position of the conductor.
The latter requires the knowledge of the magnetic field distribution in the slots.
However, if the magnetic permeability of the iron yoke is assumed to be very large
(µ → ∞) it can be shown that the force acting on a current carrying winding in a
slot is equal to the force on a fictitious winding placed in the air gap underneath
the same slot [70]. Under this assumption, the electromagnetic torque can be
calculated from a fictitious so-called current layer a(x, t) in the air gap and the
radial component of the air gap magnetic flux density b(x, t) [71].
In this approach, the current layer a(x, t) represents the current in the air gap
per unit of length in the tangential direction. The magnitude of the current layer
under each slot is calculated as the total current in the slot divided by the slot
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case in for the prototype EVT. If a sinusoidal three-phase symmetrical current with















































the winding factor,w the number of windings in a half slot, a the number of parallel
branches, bs the slot opening width, and τp the pole pitch. Values for the prototype































Figure 3.16: Schematic of the current layer corresponding to a double layer winding. q =
2, Nlayer = 2, w = 12, a = 4
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dF = b(x, t)a(x, t)ldx (3.31)
where l is the axial length of the iron stack. The total torque is then the result from
an integration over the circumference of the considered air gap (stator or inner rotor








b(x, t)a(x, t)ldx (3.32)
Note that in the integral, only current layer spacial harmonics and flux density
spacial harmonics with the same order have a net contribution to the torque. Mostly
only the fundamental components of current layer and flux density are considered,
as is also shown in Fig. 3.16:




a1(x, t) = A1 cos(
xπ
τp
− ωt− δ) (3.34)
δ is here defined as the spacial angle (in electrical radians) between current layer
and magnetic field. Note that this is also the phase shift between the time evolution
of the current through and the induced voltage by the magnetic field in a phase







if the fundamental of the current layer A1 = Aν=1 from (3.28) is substituted, and





b1(x, t)ldx the magnitude of the flux linked with a









Np (ΨdIq −ΨqId) (3.37)
The torque calculated from (3.37) will be used through the remainder of this dis-
sertation due to its simplicity and since it fits the power balance, as will be shown
in section 5.2. To include the effect of the different current components on the


















Tr2 = −(Tr1 + Ts)
(3.38)
Nevertheless, some assumptions were made in the derivation of this formula. For
instance only the fundamental components of the air gap flux density and current
layer were considered. As a result, torque ripple due to the non-sinusoidal current
layer and flux density are not taken into account. Also cogging torque is not mod-
eled correctly. Since the aim of this dissertation however is mainly on the control
of the machine, focus is on the average value of the torque. To check the accuracy
of the torque formula (3.37) it will be compared against another method which
is based on finite element calculations. This comparison, and the experimental
verification in subsection 3.6.5 will show that the torque formula derived in this
subsection is surprisingly accurate in predicting the average torque on both rotors.
3.5.2 Torque Calculation based on the Maxwell Stress Tensor and
Harmonic Filtering
A well know technique to calculate the magnetic force on a volume placed in a
magnetic field is based on the so-called Maxwell Stress Tensor. This tensor, as
given in (3.39), should be integrated over a surface enclosing the volume to calcu-




















n = [nr, nθ] represents the unit vector normal to the surface. For an electrical
machine a circular integration surface can be chosen in the air gap, so that the







For an EVT, (3.40) can be applied to both air gaps as shown in Fig. 3.17.
Applying (3.40) to the surface Sr1 yields the electromagnetic torque on the inner
rotor. When on the other hand (3.40) is applied to the surface Ss, the torque on the
combined inner and outer rotor results. The latter is due to action-reaction equal to







































Figure 3.17: Maxwell stress tensor can be applied to both air gaps of an EVT to calculate
the torque on stator, outer and inner rotor
The radial and tangential components of the magnetic flux density in the air gap
are calculated using FEM. This method solves for the so-called magnetic vector
potential A of the magnetic flux density B:
B = ∇×A, A,B : R3 → R3 (3.42)
Since a two dimensional problem is considered, only Az, the component of A in




Bθ(r, θ) = −∂Az(r,θ)∂r
(3.43)
Fig. 3.18 shows these radial and axial components of the magnetic flux density in
the stator and inner rotor air gap according to (3.43). Also the product of both is
shown, a function that is integrated over the air gap according to (3.41) in order
to calculate the electromagnetic torque. As can be seen in the figures, the stress
tensor as function of the position in the air gap shows sharp peaks underneeth the
tooth and in the vicinity of the slots. This can give rise to numerical accuracy prob-
lems. The vector potentialAz for instance can be solved using first order triangular
elements. When taking the derivative according to (3.43), this results in piece-
wise constant functions of the mesh-elements. Especially in elements adjacent to
material boundaries, important errors can arise according to [72]. To this end, a
third technique is considered to calculate the electromagnetic torque, the so-called
Maxwell stress harmonic filter method (HFT), also described in [72].
In this method, the magnetic vector potential between two circular boundaries
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(a) outer air gap












(b) inner air gap
Figure 3.18: Magnetic induction and Maxwell stress tensor in outer and inner rotor air






−n)(gn cos(nθ) + hn sin(nθ))] (3.44)









an2 cos(nθ) + bn2 sin(nθ) (3.46)
The coefficients an1, bn1, an2, bn2 can be calculated from the knowledge of the
magnetic vector potential at the two circular boundaries r = R1 and r = R2 using
FEM. By substituting (3.45) and (3.46) in (3.44) the Fourier series ofA(r, θ) can be









3.5 Electromagnetic Torque on Stator, Outer and Inner Rotor 91
components of the magnetic flux density according to (3.43). Finally, using (3.40)





















The formula shows how the torque is the result of interaction between air gap field
harmonics of the same order. For an EVT this procedure can simply be repeated













Tr2 = −(Tr1 + Ts)
(3.49)
an1,r1, bn1,r1, an2,r1, bn2,r1 are the Fourier coefficients of the magnetic vector po-
tential along two arbitrary circular boundaries in the inner air gap with radii R1,r1
and R2,r1, and δn,r1 according to (3.48). The coefficients for the calculation of the
stator torque Ts are defined in an analog manner.
3.5.3 Electromagnetic Torque as Function of Five Independent Cur-
rent Components
Based on (3.38), the torque on both rotors and the stator can be expressed as
function of the five independent current components. The latter are the stator q-
and d-axis currents Isq and Isd, the dc-field current Ir2d and the inner rotor q-
and d-axis currents Ir1q and Ir1d. The EVT needs to be able to produce a torque
on both rotors independently. To this end, the current components can be chosen
in an optimal way, as will be the subject of chapter 4. First, the influence of
the different current components on the torque needs to be examined. Both the
hybrid excitation as the double-rotor concept make this more challenging than for
a conventional electrical machine. Since the sum of stator, inner rotor and outer
rotor torque is zero, it is sufficient to discuss the stator and inner rotor torque.
Stator Torque Ts
The dc-field current Ir2d mainly influences the stator magnetic flux density Ψsd, as
was shown in Fig. 3.7. Increasing the dc-field current Ir2d along the negative d-
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torque on the stator. In Fig. 3.19 the latter torque is plotted against the q-axis stator
current Isq for different values of the dc-field current Ir2d.













Ir2d = −15 A
Ir2d = −12 A
Ir2d = −8 A
Ir2d = −4 A
Ir2d = 0 A
Figure 3.19: Stator torque Ts as function of q-axis stator current Isq for different dc-field
currents Ir2d.
Fig. 3.20 shows the evolution of the torque for a fixed stator q-axis current Isq.
If no dc-field current is applied, the stator flux linkage, and thus the corresponding
torque is low as was explained in subsection 3.3.1. With increasing (in absolute
value) dc-field current, the d-axis flux linkage gradually increases according to
the no-load curve of Fig. 3.7. The shape of the latter curve is clearly visible in
Fig. 3.20 where the increase in stator torque is most pronounced for a the dc-field
current between −4 A and −8 A, which corresponds to the magnetic linear region
for Isd = 0 A.













Figure 3.20: Stator torque Ts as function of dc-field current Ir2d for a fixed stator q-axis
current Isq = −50 A. All other current components are zero.
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effect on the stator flux linkage as the dc-field current does. From this it could
be expected that also the stator torque Ts has an evolution as function of the d-
axis stator current Isd similar to Fig. 3.20 where the effect of the dc-field current
is shown. However, due to the effect of reluctance torque, the stator torque has a
different evolution as function of the d-axis stator current Isd. Based on (3.38), the











which can be split, as shown in the equation, into two terms. The stator d-axis
current Isd has an effect on both terms. The first term Tdq is a function of the d-
axis stator flux linkage Ψsd, which on its turn is a function of the stator current Isd.
The second term Tqd explicitly depends on the d-axis stator current. The dc-field
current on the other hand only influences the first term through the flux linkage
Ψsd. Both torque components of (3.50) as well as the resulting stator torque are
represented in Fig. 3.21 as function of the stator d-axis current Isd.














Figure 3.21: Stator torque Ts as function of d-axis stator current Isd for a fixed stator q-
axis current Isq = −50 A. All other current components are zero.
Based on the decomposition of the torque in two terms, the evolution of the
resulting stator torque Ts as function of the d-axis stator current can be explained.
The first term Tdq in (3.50) shows the interaction of the q-axis stator current with
the d-axis stator flux. For a given stator q-axis current, this torque component has
the same evolution as the stator d-axis flux as shown in Fig. 3.8. In the magnetic
linear region (desaturated flux bridge, high influence of the d-axis current on the
d-axis flux) this torque component strongly decreases with increasing d-axis stator
current. The second term Tqd, which represents the interaction of the q-axis stator
flux Ψsq with the d-axis stator current Isd, shows an almost linear increase as func-
tion of the d-axis stator current Isd for the operating point given in the graph. Only
at strongly negative Isd the slope of the curve is lower in agreement with Fig. 3.11
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sum of both torque components, the total stator torque Ts both decreases and in-
creases with Isd. By comparing the slope (derivative) of both torque components,




























Considering (3.52) the influence of the d-axis stator current Isd on the q-axis sta-
tor flux Ψsq is only of importance at strongly negative equivalent d-axis currents
Isd,equiv as was explained in subsection 3.3.3. By neglecting this term, the deriva-





















the chord slope inductance along the q-axis and the tangential inductance along
the d-axis respectively. In Fig. 3.21, the torque thus increases with the stator d-axis
current Isd if Lcq > L
t
d, since Isq is chosen negative. As can be seen in Fig. 3.21,












Ir2d = −10 A
Ir2d = −8 A
Ir2d = −6 A
Ir2d = −4 A
Ir2d = −2 A
Ir2d = 0 A
Figure 3.22: Stator torque Ts as function of stator d-axis current Isd for a stator q-axis
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dTs
dIsd
changes sign if the d-axis magnetic state enters the linear part as described in
Fig. 3.8. Only in this region the tangential d-axis inductance Ltd is higher than the
chord q-axis inductanceLcq. In accordance with Fig. 3.8, the magnetic linear region
shifts towards higher d-axis stator currents if a dc-field current Ir2d is applied. This
finally explains the evolution of the stator torque Ts for different field currents as
is given as well in Fig. 3.22, each with its local maximum and minimum.
The analysis thus far shows that both the stator d-axis current Isd and the dc-
field current Ir2d can be used to modulate the stator flux linkage Ψsd. However,
the stator d-axis current also interacts with the stator q-axis flux linkage Ψsq and
thus has another effect on the stator torque Ts. In the machine theory it is more
convenient to show the torque as function of the current magnitude and phase δ
with respect to the q-axis. This is another way of representing the torque to current
relationship described thus far. These relations are shown for the stator torque as
function of the stator currents, for different dc-field currents in Fig. 3.23a-3.23c.
Fig. 3.23a shows the torque to current relation for zero dc-field current. It can be
seen in the figure that for a given torque demand a positive angle δ is optimal.
For instance, if the stator torque set point is 100 Nm, a stator current Is of about
125 A at about 25 electrical degrees is optimal, since this curve is tangent to the
Ts = 100 Nm horizontal line. However, the extra degree of freedom of the dc-field
current can be used to minimize the losses for a given torque of both rotors. In
chapter 4 it will be shown that there are, for every stator torque, two local optima
i.e. two sets of currents that minimize the total copper loss in the machine. Also
the effect of cross coupling between both rotors, and the effect of speed i.e. iron
losses will be included.
Inner Air Gap Torque Tr1
The inner air gap torque equals the electromagnetic torque on the inner rotor and




Np (Ψr1dIr1q −Ψr1qIr1d) (3.55)
In most operating points the effect of the d-axis inner rotor current on the inner
rotor torque is small, since the reluctance torque is negligible. In subsection 3.3.3,
it was shown that the saliency level of the inner rotor is low in most operating
points. This can also be seen in Fig. 3.24 where the inner rotor electromagnetic
torque Tr1 is plotted against the inner rotor current components. The most pro-
nounced effect on the torque is caused by the stator d-axis current Isd and the
dc-field current Ir2d. A flux weakening (positive) equivalent d-axis current was
shown to have a considerable effect on the inner rotor d-axis flux linkage in sub-
section 3.3.3. Although a demagnetizing stator current is optimal to control the
stator torque, it will have a negative effect on the inner rotor torque. This will be
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Is = 25 A
Is = 50 A
Is = 75 A
Is = 100 A
Is = 125 A
Is = 150 A
Is = 200 A
Is = 250 A
(a) Ir2d = 0 A
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Is = 200 A
Is = 250 A
(b) Ir2d = −6 A














Is = 25 A
Is = 50 A
Is = 75 A
Is = 100 A
Is = 125 A
Is = 150 A
Is = 200 A
Is = 250 A
(c) Ir2d = −10 A
Figure 3.23: Stator torque Ts as function of stator current angle δ (relative to q-axis), and
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Ir1d = −100 A
Ir1d = −50 A
Ir1d = 0 A
Ir1d = 50 A
Ir1d = 100 A
Isd = 50 A
Isd = 100 A
Figure 3.24: Inner rotor torque Tr1 as function of inner rotor q-axis current Ir1q for differ-
ent d-axis currents. All other current components are zero.
3.6 Experimental Verification
This chapter described the modeling of an EVT, with focus on EVT systems with
hybrid excitation. In oder to test the models, some experiments are carried out on
the prototype machine. The windings of the EVT itself are hereby used as sensor
to indirectly measure the flux linkages. Also, torque sensors are used to measure
the torque to current relations.
3.6.1 No-load Back-EMF Waveform
In order to validate the statements made concerning the dc-field winding, no-load
test were performed on the demonstrator machine. Since the voltage over a winding
equals the time derivative of the flux linked with that winding, the stator and inner
rotor flux linkage can indirectly be measured by measuring the stator and inner
rotor voltages. The finite element model of the EVT can output the magnetic flux
density as function of the position for a given current density in the windings and
a given position of the rotors. From the magnetic flux density, the flux linkage
with the stator and inner rotor windings can be calculated as a function of time.
The time derivative of this flux linkage equals the voltage over the windings. The
calculated voltage between the phase windings can be compared to the measured
voltage between the windings in order to validate the FEM model in no-load for
different dc-field currents. Also some focus is given to the harmonic content of the
back-EMF. This information will be used further on in subsection 3.6.4 where the
PI current control of the EVT is experimentally verified.




















































































(c) θr2 = 3π4
Figure 3.25: FEM calculation of flux linkage for different outer rotor angles θr2 [rad,el].
and inner rotor is calculated for different outer rotor positions as illustrated for
three arbitrary outer rotor positions, and for a zero dc-field current (Ir2d = 0A) in
Fig. 3.25. For the no-load calculations, the outer rotor angle θr2 is varied between
0 and π electrical radians in 100 steps. The flux linkage with every phase winding
and with the dc-field winding is calculated using the magnetic vector potential, the
solution of FEM. This is performed using static FEM calculations, i.e. with fixed
rotor positions. The effect of slotting on the flux linkage is hereby ignored.





















Figure 3.26: Calculated flux linkage with stator and inner rotor phase windings for zero
dc-field current (Ir2d = 0A).
These flux linkages as function of the outer rotor position θr2 are shown in
Fig. 3.26 for the stator and inner rotor phase windings. Due to the distributed
winding, the fluxes are almost perfectly sinusoidal. Also, since the physical flux is
the integral of the magnetic flux density, the higher order time and space harmonics
of the flux density are reduced in the time evolution of the flux. From the flux


























d (θr2 − θr1)
d (θr2 − θr1)
dt
(3.57)































Ir2d = −10 A
Ir2d = 0 A
Ir2d = −10 A
Ir2d = 0 A
Figure 3.27: Measured (left) and calculated (right) stator line-to-line no-load voltage for
different dc-field currents Ir2d ∈ {−10,−9, ...,−1, 0}A. Outer rotor speed
Nr2 = 400 rpm.
The measured no-load voltages and corresponding calculations are shown in
Fig. 3.27 and Fig. 3.28 for the stator and inner rotor respectively. Both the calcu-
lations and measurements have been performed for different dc-field currents Ir2d.
The figures show that the FEM model is able to calculate the flux linkages and cor-
responding voltages very accurately. Also, the effect of the dc-field currents on the
no-load voltages (and thus flux linkages) is visible. As stated in subsection 3.3.1,
the influence of the dc-field current on the stator flux linkage is highest between
−3 A and −7 A. For this dc-field current interval, the increase in stator voltage
magnitude in Fig. 3.27 is most pronounced. The effect of the dc-field current on
the inner rotor flux linkage is almost negligible, a conclusion that was also made in
subsection 3.3.1.
Finally, also the harmonic content of the no-load voltages in Fig. 3.27 and
Fig. 3.28 is given in Fig. 3.29. As expected, the higher harmonics are very small
compared to the fundamental one. The existence of the harmonics and their magni-
tude is here qualitatively explained in the remainder of this subsection. The knowl-
edge of the harmonic content of the no-load voltage can for instance be used when




































Ir2d = −10 A
Ir2d = 0 A
Ir2d = −10 A
Ir2d = 0 A
Figure 3.28: Measured (left) and calculated (right) inner rotor line-to-line no-load voltage
for different dc-field currents Ir2d ∈ {−10,−9, ...,−1, 0} A. Outer rotor





























Figure 3.29: Fourier spectrum no-load voltage at dc-field current Ir2d = −6 A.
voltage in a stator or inner rotor phase is the sum of the voltages induced in a wind-
ing corresponding to one pole pair of that phase (all four poles are connected in
parallel for the demonstrator machine). The voltage induced in one winding turn
contains the same harmonics in time as the air gap flux density in space if slotting
effects are ignored. Indeed, the voltage induced in one winding turn Vturn is, as
time derivative of the flux linked with that winding turn, directly proportional to
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Vturn(t) = 2Bδ(θslot, t)laxv (3.58)
where Vturn(t) is the voltage induced in a winding turn of which one wire is located
in a slot on position θslot and of which the return wire can be found in a slot with
position θslot + π (electrical radians are being used). lax is the axial length of






Figure 3.30: Idealized flux density in the outer air gap.
The no-load magnetic flux density Bδ in the air gap is the result of the PM’s
and the dc-field current Ir2d producing a magnetic field over the air gap as schemat-
ically given in Fig. 3.30. Without the influence of the stator or inner rotor slots, the




Bν cos (νθ − νωt+ φν) (3.59)
where ν is the harmonic order, θ the position in electrical radians corresponding to
Fig. 3.30, and ω the rotational speed of the magnets with respect to the windings
in electrical radians per second. Only odd harmonics are present, of which the













According to (3.58), the same is true for the voltage harmonics corresponding to
a single winding turn. The sum of all winding turn voltages corresponding to the
slots of one pole and phase results in the total phase winding. Due to the distribu-
tion of the windings in slots, the coil voltages in adjacent slots are phase shifted in
time. This causes a reduction of the voltage with respect to a concentrated winding.
This reduction, given by the distribution factor ξ is a function of the harmonic order,
and was given before in (3.29). This winding is particularly effective in reducing
the 3rd, 5th and 7th order harmonics. Finally, at the terminals of the machine, only
the line-to-line voltage can be measured. All 3th harmonics cancel out. All other







deed, in Fig. 3.29 the most pronounced harmonics have order 11 and 13, which is
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3.6.2 No-Load Characteristic
From the no-load voltages measured at the stator and inner rotor terminals in
Fig. 3.27 and Fig. 3.28, the no-load characteristics in Fig. 3.7 can be experimen-
tally verified. To this end, the fundamental of the no-load voltage is considered
for different dc-field currents Ir2d. Since the voltage is the derivative of the flux





with V∆ the amplitude of the fundamental line-to-line voltage waveform, and ω the
electrical pulsation of the voltage. For the stator, the latter is equal to the rotational
speed of the outer rotor divided by the number of pole pairsNp. For the inner rotor
the speed difference between both rotors divided by the number of pole pairs Np
is to be used.
-10 -8 -6 -4 -2 0




















Figure 3.31: Measured no-load flux linkage compared to FEM calculations from Fig. 3.7.
The result for different dc-field currents Ir2d is shown in Fig. 3.31 where the
measured flux linkage is compared against the calculated one from Fig. 3.7. A very
good agreement between the FEM calculated flux linkage and the measured flux
linkage can be observed. Only at very negative dc-field currents, the flux linkage
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3.6.3 EVT Dynamical Model
In order to further validate the current to flux relations, it is necessary to somehow
measure the flux under load as well. This could be performed by using some of
the EVT phase windings as sensor. During the measurement presented here, a
sinusoidal current Isd = Îsd sin (ωt) is sent through the stator d-axis, using the PI
current controller as was shown in Fig. 3.14.
To this end, the stator windings were connected to an inverter, operating at a
dc-bus voltage of 100 V. The inner rotor windings however, were left open. The
induced line-to-line voltages in these windings were measured by means of an
oscilloscope, as shown in Fig. 3.32. Using a Clarke transform, and projection on
the reference frame fixed to the magnets (qd-reference frame, see Fig. 3.3), the
corresponding inner rotor voltages Vr1q and Vr1d could be determined. During the
measurements, the rotors where at standstill.
The result of this measurement is shown in Fig. 3.33, for an amplitude of the
stator d-axis current set value of Îsd = 100 A, with a pulsation of ω = 200 rad/s.
In Fig. 3.33a and Fig. 3.33c, the PI current control is illustrated in simulation and
measurement respectively. Both for the simulated and the measured PI current
control, it can be seen that the current controller can track the sinusoidal set value,
which is indicated by the dotted black line. Also, it can be seen that in both figures,
the current controller has some difficulties tracking the current if Isd < −60 A.
Again, this can be explained by the presence of the flux bridge on the outer rotor.
For these specific measurements, the dynamical model (3.22) reduces to:
Figure 3.32: Measuring the induced voltage at sinusoidal current supply. Both voltage and
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(a) PI current control: simulation.











(b) Open inner rotor voltage: simulation.














(c) PI current control: measurement.











(d) Open inner rotor voltage: measurement.
Figure 3.33: PI stator current control and open rotor voltage measurement. Both rotors at
standstill. Dc-bus voltage Vdc equals 100 V. Outer rotor terminals are open.
Black dashed line represents the sinusoidal d-axis current set value.

Vsq = RsIsq +
dΨsq
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For the PI current control of the stator d-axis current Isd, the second equation of
(3.62) is of importance, were the cross-term dΨsddIsq is small. Basically, this reduces to
the PI current control for an R-L circuit, were L = dΨsddIsd . The latter term however,
is a function of the stator d-axis current, as was shown in Fig. 3.8. For a d-axis
stator current Isd < −60 A, the derivative dΨsddIsd strongly increases, since the flux
bridge enter the magnetic linear region. In this region, due to the low magnetic
flux density in the flux bridge, a change in current results in a relatively big change
in flux linkage with the stator. Since the parameters of the equivalent R-L circuit
suddenly change, the PI controller has difficulties tracking the sinusoidal set value
of the current.
Also in the induced voltage, this effect is visible. The induced voltages are
modeled by the third and fourth equation in (3.62). These voltages are not sinu-






are not constant, but a function of the current itself, as was studied in 3.3. Sec-
ondly, the derivative of the current is not a perfect sine wave either, since the cur-
rent can deviate from its set value inherent to the current control. Since the voltage
is proportional to the time derivative of the current, oscillations of the current with
respect to its set value are magnified. Both the PI current control, and the dynam-
ics (3.62) thus need to be correctly modeled. For the simulation of the induced
voltage in Fig. 3.33b, the derivatives of the flux to the current are again based on
look-up tables, which are calculated by means of a series of static FEM simula-
tions. Based on the good correspondence between calculations in Fig. 3.33b and
measurements Fig. 3.33d, it can also be seen that both the current to flux relations,
and the dynamical model (3.22) are in agreement with the measurements.
Additionally, based on the measurements, the magnetic coupling between the
stator and inner rotor can be seen, i.e. a current in the stator has an effect on
the inner rotor flux linkage. This coupling will for instance be used in chapter 4
to produce electromagnetic torque on both rotors in an energy-efficient way. In
the magnetic linear region, which was defined in Fig. 3.7, the coupling between
stator and rotor is almost zero, as was shown in Fig. 3.10. The effect is visible in
Fig. 3.33b and Fig. 3.33d by the time interval in which the induced voltage is zero
(starting at t ≈ 20 ms).
The same measurements have been performed for an open stator, and a sinu-
soidal set value for the inner rotor d-axis current Ir1d = Îr1d sin (ωt). The dynam-
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(a) PI current control: simulation.












(b) Open inner rotor voltage: simulation.














(c) PI current control: measurement.












(d) Open inner rotor voltage: measurement.
Figure 3.34: PI inner rotor current control and open stator voltage measurement. Both
rotors at standstill. Dc-bus voltage Vdc equals 100 V. Outer rotor terminals
are open. Black dashed line represents the sinusoidal d-axis current set value.
Fig. 3.34 is plotted for an inner rotor current amplitude Îr1d = 100 A, with a
pulsation of ω = 600 rad/s. The figure shows again that the dynamical simulation
model, using flux look-up tables, predict the same trends as the measured PI current
control in the inner rotor, and the induced voltage in the stator. The oscillations in
the induced voltage, which is proportional to the time derivative of the inner rotor
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Îsd = 50 A
Îsd = 100 A
simulation














Îr1d = 50 A
Îr1d = 100 A
simulation
(b) Open stator.
Figure 3.35: Fundamental of the measured induced voltages. Also simulation results are
given.
follows the sinusoidal set value very well. However, at negative inner rotor d-axis
current Ir1d, the current control shows some oscillations with respect to its set
value. These oscillations are magnified in the induced voltages in the stator. The
reason for this is again the lower inductance dΨsddIr1d at negative inner rotor d-axis
current. This is for instance visible in Fig. 3.10, where at Isd = 0 A (open stator),
the change in stator d-axis flux with the inner rotor d-axis current Ir1d is higher at
positive inner rotor current.
Both the open stator and open inner rotor measurements, have been performed
at different oscillation frequencies and amplitudes of the sinusoidal current. In
Fig. 3.35, the fundamental of the induced voltages is given as function of the os-
cillation pulsation ω, and the magnitude of the current. From the figures, it can be
seen that the voltage increases linearly with the frequency. This means that, for the
the frequency range given, the derivatives of the currents are independent of the
frequency. This was required in (3.20) in order to derive the Jacobi matrix of the
flux linkage as function of the different current components.
3.6.4 PI Current Control
The currents in the EVT are controlled using PI current controllers, as was ex-
plained in section 3.4. To this end, two standard two level inverters were installed,
as can be seen in Fig. 3.32. In the previous subsection, the PI current control was
tested at standstill of both rotors, and with the stator or inner rotor disconnected.
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Figure 3.36: PI current control: measurement. Set values are given by the dashed lines.
Outer rotor speed Nr2 = 2000 rpm, inner rotor speed Nr1 = 1500 rpm. The
inverter dc-bus voltage Vdc equals 500 V. Sample period current measure-
ment equals 1.5 ms. Inverter switching frequency equals 10 kHz.
The result is shown in Fig. 3.36. The measurement has been performed at
outer rotor speed Nr2 = 2000 rpm, and inner rotor speed Nr1 = 1000 rpm. The
speed is hereby imposed by two induction motors. The same steps of 100 Nm and
−80 Nm have been given to the outer and inner rotor at t = 50 ms and t = 80 ms
respectively. The goal is to illustrate that also on the experimental setup, very fast
dynamics can be achieved, as is expected from electromagnetic systems.
The difference with current control for conventional electrical machines, is the
fact that the currents in the stator influence the magnetic field in the inner rotor, and
the other way around. This was explained in section 3.3. This disturbance term in
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measured q- and d-axis currents in stator and inner rotor are plotted. The set points
for the currents are shown in dashed lines as well, and are the result of an optimal
control algorithm, explained in chapter 4. It can be seen that, as for the simulations,
that the PI current controllers can track the reference values very fast, i.e. in an
order of magnitude of 5 ms. In contrast to the simulations, the current ripple is
higher, especially in the stator d-axis. During the simulations, an ideal inverter
was assumed, applying the desired voltage to the machine. In reality, the voltage
is applied using PWM inducing current ripple, depending on the dc-bus voltage
and switching frequency. Also, dead time of 2 µs is implemented in order to avoid
shoot-through. Finally, also higher harmonics are present. The currents have been
measured with an oscilloscope as well. Fourier analysis shows that especially 5th,
7th, 11th and 13th harmonics are present in the phase currents, corresponding to 6th
and 12th in the q- and d-axis currents.
In Fig. 3.36b, the corresponding set values for the q- and d-axis voltages, the
output of the PI current controllers, are shown. In Fig. 3.36c finally, the torque on
stator, outer and inner rotor is given. This torque is not directly measured, but is
calculated using the measured currents of Fig. 3.36a. To this end, (3.38) was used.
The fluxes in the latter equation were calculated using the look-up tables, and the
measured currents. It can be seen that the torque reaches its set value in less then
5 ms. This shows that, when using an EVT as power split transmission, very fast
dynamics can be achieved.
3.6.5 Torque to Current Relations
In order to check the accuracy of the torque formulae (3.38), (3.41) and (3.49), and
to validate the evolution of the torque as function of the different current compo-
nents as described in subsection 3.5.3, some steady-state measurements have been
performed on the demonstrator EVT in the lab. Some well chosen combinations
of q- and d-axis currents were to this end applied to the stator, outer and inner
rotor terminals by controlling both inverters and the variable dc-field voltage sup-
ply. The torque was measured using a highly accurate (accuracy class 0.1%, rated
torque 100 Nm) torque sensor on each shaft. In every operating point a measure-
ment was performed during 8s, and averaged out over this time interval to account
for the small ripple on the torque measurement. The results are shown in Fig. 3.37,
Fig. 3.38 and Fig. 3.39. From the figures it can be concluded that the analytical
calculation technique (3.38), although being the simplest method, gives very good
estimations of the real (average) electromagnetic torque on both rotors. This cal-
culation technique will be used through the remainder of this dissertation. The flux
linkages are to this end calculated using look-up tables. The other two techniques
(3.41) and (3.49) use information of the magnetic vector potential in the air gap. As
was stated in subsection 3.5.2, the Maxwell Stress Tensor gives the poorest results,
whereas the harmonic filtering method (HFT) using the first 10 harmonics is the
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current relations described in subsection 3.5.3 are a good representation of the real
electromagnetic torque behavior as function of the different currents. This knowl-
edge will be used in the next chapter to derive an optimal torque control algorithm
to control the electromagnetic torque on both shafts independently.
3.7 Conclusion
In this chapter, the electromagnetic modeling of an EVT, with focus on an EVT
with hybrid excitation, is tackled. It is shown that the classic machine theory can
be extended to model the electromagnetic relations between voltage, current and
flux linkage with the windings of an EVT. The resulting model for a hybrid excited
EVT consists of a system of five coupled differential equations, where the coupling
is partially caused by the magnetic interaction between the different EVT parts.
These different flux linkages are described into detail for a hybrid excited EVT,
with special attention to the flux bridge and the hybrid excitation of the d-axis.
Both the stator d-axis current and the dc-field current can be used to magnetize
the stator. Depending on the equivalent d-axis current, the flux density vector in
the flux bridge changes both magnitude and direction. This results in the so-called
low flux, magnetic linear and high flux region. Also the flux linkages with the
other axes, as function of the five independent current components have been dis-
cussed. To apply the currents to the machine, standard PI current controllers can
be used. The main difference with current control for conventional PM machines
is the number of current to be controlled, and the extra disturbance terms due to
the magnetic coupling between the windings. It has however been shown that the
latter is low, and that fast dynamics can be expected. Torque steps are shown to be
tracked in the order of 5 ms for the prototype machine. In order to calculate this
torque, an analytical approach can be used based on current and flux linkage, where
the flux linkages should be calculated by FEM, or be retrieved from look-up tables.
Finally, the no-load characteristic, the flux to current relations, the PI current con-
trol and the torque to current relations have been experimentally verified, and show




























Ir2d = −4 A
Ir2d = 0 A
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Ir2d = −6 A
Ir2d = −2 A
(b)
Figure 3.37: Electromagnetic stator torque Ts: measurement compared to different calcu-
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Ir2d = −4 A
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Ir2d = −6 A
Ir2d = −2 A
(b)
Figure 3.38: Electromagnetic stator torque Ts: measurement compared to different calcu-





























Figure 3.39: Electromagnetic stator torque Ts: measurement compared to different calcu-
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Isd = −50 A
Isd = 50 A
(b)
Figure 3.40: Electromagnetic inner rotor torque Tr1: measurement compared to different










Optimal Current Selection for a
Given Torque on Both Rotors
Five independent current components can be sent to an EVT using an appropriate
current controller. This combination of currents yields a certain torque on both
rotors of the machine. This chapter tackles the inverse problem, i.e. what sets of
currents should be selected, given a set value for the torque on both rotors. Of all
possible current sets, the one minimizing the losses in the machine is selected.
4.1 Optimization Problem
The previous chapter described the electromagnetic relations from current to flux
linkage and torque. In real world applications, torque set values are given to the
EVT. A torque controller then selects a set of currents that yields the given torque
on both rotors [73]. However, as can for instance be seen in Fig. 3.22, a given
torque can be achieved with infinitely many sets of currents. Each set of currents
corresponds to certain copper and iron losses in the machine. To this end, this
chapter tackles the following question:
Find:








r1d] ∈ R5 (4.1)
with
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I∗ is a set of currents that, when applied to the machine, yields the required torque
while minimizing the losses in the machine. Ploss hereby represents the sum of the
copper Pcu and iron losses Pfe, and is a function of the set of currents I and the
speed ωr1 and ωr2 of inner and outer rotor respectively. In this chapter, the torque is
calculated according to (3.38). In the latter equations, the flux terms are non-linear
functions of all five current components as described in the previous chapter.
This minimization problem is tackled in several steps. In a first approach the
stator and inner rotor are assumed fully decoupled, i.e. there is no influence of
stator currents on the inner rotor flux linkage and the other way around. The stator -
outer rotor combination then behaves as a special type of PM assisted synchronous
machine with salient poles, field winding and flux bridge to maintain the inner rotor
flux. The inner rotor - PM combination can in this case be seen as a conventional
PMSM with outer rotor and slip rings. Also, only copper losses are considered in
this first approach, which is presented in section 4.2. In a second step the mutual
magnetic influence between stator and inner rotor is taken into account. It will be
shown in section 4.3 that this magnetic coupling can be used to further minimize
the losses in the machine. Next, the influence of the speed of both rotors on the
optimal current set is considered as well in section 4.4. Due to the presence of iron
losses, the optimal current set will be relocated towards regions with lower flux
linkage. This further minimizes the machine losses, especially at higher speeds.
Also the effect of the winding temperature on resistances, and thus the location of
the optimal set of currents is considered in section 4.5. It will be shown however,
that the further decrease in machine loss when taking the temperatures of stator,
outer and inner rotor into account in the optimization procedure, is very small.
Finally, the constraints for this optimization procedure are discussed in section 4.6.
These include maximum speed, and maximum heat dissipation in different EVT
parts.
4.2 Maximum Torque per Ampere for Stator and Inner
Rotor Separately
In this first step in finding the optimal set of currents for a given torque demand and
given speed for both rotors, the stator and inner rotor are assumed to be magneti-
cally decoupled. This implies that a stator current will not influence the inner rotor
magnetic field and the other way around. Also, the effect of the speed, i.e. iron
losses, is not considered in this first approach. Magnetic coupling between stator
and inner rotor is taken into account in section 4.3, while the speed dependency of
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4.2.1 Set of Currents for a Given Stator Torque Demand
If the stator is considered magnetically decoupled from the inner rotor, three cur-
rent components determine the stator torque, being the stator q- and d-axis current
Isq and Isd and the dc-field current Ir2d. If the stator torque set value is given, two
independent current components remain. The third current component can then





Np (ΨsdIsq −ΨsqIsd) (4.4)
In this section, the d-axis currents Isd and Ir2d from stator and outer rotor are
chosen to be the independent current components. For a given torque demand, the
corresponding stator q-axis current Isq can be solved for using (4.4) in every point










































Figure 4.1: q-axis stator current Isq as function of the d-axis stator current Isd and the
dc-field current Ir2d for a stator torque of 125 Nm. The inner rotor torque Tr1
is zero, as is the speed of both rotors.
This is shown in Fig. 4.1 where the q-axis current is shown in this Isd -
Ir2d plane. Every operating point in the plane corresponds to a stator torque
Ts of 125 Nm. For every operating point in the Isd - Ir2d plane, the q-axis
current has been numerically solved for using (4.4). The three regions of
the no-load characteristic of Fig. 3.7 are visible and indicated in the figure.
This will be further explained next. Remember that the high flux region was
defined as Isd,eq = Isd + rIr2d < −100 A, while for the low flux region
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three regions, as shown in the figure1.
Every operating point in the figure corresponds to a certain copper loss in the ma-
chine, which can be calculated from the independent current components Isd -
Ir2d and the corresponding, calculated, current component Isq. To understand the
location of the optimum set of currents in the next subsection, it is necessary to un-
derstand the evolution of the q-axis stator current as shown in Fig. 4.1. Although
calculated by FEM, the evolution of a constant q-axis current line in the Isd − Ir2d
plane of Fig. 4.1 can be analytically explained considering the no-load curve of
Fig. 3.7 or the d-axis stator flux linkage of Fig. 3.8. The latter figure is repeated
in Fig. 4.2 and is divided in the high flux, low flux and magnetic linear region. To
make the analysis analytically feasible, the three regions of the stator d-axis flux
linkage Ψsd can be approximated by a line segment as function of the equivalent
d-axis current Isd + rIr2d of the form:































Figure 4.2: Linear approximation of the no-load curve.
Ψsd = Lsd (Isd + rIr2d) + Ψsd0 (4.5)
as is also shown in the figure. The slope Lsd of the no-load curve segment is equal
in the high and low flux region, and smaller than in the magnetic linear region.
If (4.5) is substituted in (4.4) for a given stator torque, the equation of a constant
current line can be approximated as:
1Note that if also a high positive or negative q-axis current Isq is applied to the machine, also the
d-axis flux paths saturate due to cross effects. This causes the magnetic linear region to shrink and





















which is the equation of a line in the Isd - Ir2d current plane. Indeed, the slope of
a constant q-axis current line depends on the slope Lsd of the no-load characteris-




while in the two saturation regions (low and high flux region) the resulting slope
is positive. This is for instance visible in Fig. 4.1 where the Isq = 100 A constant
current line is highlighted in white. The two saturation regions have parallel con-
stant current lines, but have been shifted one to another due to the linear region
in between, also according to the no-load curve. Based on the analytical approx-
imation, the specific shape of the q-axis constant current lines can be explained.
The calculations in this chapter however, are always based on flux look-up tables,
calculated by FEM. The combination of the three2 current components determines
the copper losses for a given stator torque. The obvious next step is to search for
the set of currents were these copper losses are minimized. For the calculation of
the copper losses, an equal room temperature for the stator, inner and outer rotor
windings is chosen. The effect of temperature variations will be considered later
on in section 4.5.
4.2.2 Maximum Stator Torque per Ampere
In a first approach, only the copper losses are taken into account. The optimal
control involves finding the set of currents that minimizes this loss component for a
given stator torque requirement, in literature referred to as the maximum torque per
ampere (MTPA) approach. The copper losses can be evaluated in every operating
point and consist of a combination of stator and outer rotor copper losses. This
is done in Fig. 4.3 for a stator torque Ts of 75, 125 and 275 Nm. For the loss
calculations, the measured dc-resistances of stator and dc-field winding of table
1.1 have been used.
The figure shows the copper losses Pcu in the machine at low speed of both
rotors (i.e. ignoring iron losses) and at zero inner rotor torque Tr1 (i.e. ignoring
magnetic coupling between stator and inner rotor). As can be seen in the figure,
there are two local optima for the copper losses. One is located in the high flux
region, the other in the low flux region. Depending on the stator torque, one of the
two local optima corresponds to the lower copper losses. In Fig. 4.3a and Fig. 4.3b
the low flux optimum is favorable. If the stator torque is increased however, the
low flux optimum increases faster than the high flux optimum, so that at a certain
stator torque (Ts = 225 Nm for the demonstrator machine) the high flux optimum
becomes favorable when only copper losses are considered. In Fig. 4.3c the high
flux optimum indeed represents the lower copper losses.
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(c) Ts = 275 Nm
Figure 4.3: Copper losses in [W] as function of the d-axis stator current Isd and the dc-









4.2 Maximum Torque per Ampere for Stator and Inner Rotor Separately 121





























(a) Location of local optima in d-axis plane.













(b) Corresponding q-axis stator current Isq













(c) Corresponding total copper loss Pcu
Figure 4.4: Optimal current set as function of the stator torque Ts ∈ [0 : 20 : 300] Nm.
Inner rotor currents are zero. (G) = global optimum, (LF) = low flux optimum,
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When increasing the stator torque, the low flux optimum moves towards lower
dc-field current Ir2d, and higher stator d-axis current Isd. For the high flux optimum
the same is true for the dc-field current, while the stator d-axis current becomes
more and more negative which increases the flux linkage with the stator. Also, it
can be seen in Fig. 4.3 that the low flux optimum is not very pronounced, but rather
shallow, i.e. a deviation from this local optimum will not result in a significant
increase in copper losses. This makes this optimum relevant from practical point
of view, since modeling uncertainties will not have a big effect on the copper losses.
The high flux optimum on the other hand is smaller and steeper.
The location of the high and low flux optima is quantitatively summarized in
Fig. 4.4 for different stator torques Ts. In the figures the optimal stator q- and
d-axis currents Isq and Isd and the dc-field current Ir2d are shown as function of
the required stator torque Ts. In Fig. 4.4a the locations of the high and low flux
optima are shown in the Isd - Ir2d current plane, with the stator torque as implicit
parameter. Also the global optimum is shown. It can be seen in the figure that this
global optimum ’jumps’ from the low to the high flux optimum for a stator torque
Ts between 220 Nm and 240 Nm. In Fig. 4.4b the corresponding q-axis current
is shown for every stator torque Ts. Fig. 4.4c finally shows the copper losses in
both optima, as well as in the global optimum. It turns out that the optimum stator
current has a constant phase with respect to the PM flux vector (load angle) of
about 120◦ and 78◦ for the low and high flux region optimum respectively.
The analysis performed in this subsection thus shows how to calculate the local
optimal points in the two-dimensional d-axis current plane Isd - Ir2d, in order to
minimize the stator copper losses. The influence of the inner rotor currents on the
stator torque is not considered yet, but will be tackled in section 4.3. First, the same
MTPA procedure is followed for the inner rotor in the next subsection. Since the
inner rotor has a low level of saliency, this optimization is fairly straightforward.
4.2.3 Maximum Inner Rotor Torque per Ampere
For the inner rotor, the same procedure can be repeated. However, since the inner
rotor has almost no saliency, an inner rotor d-axis current will have no considerable
effect on the torque, but will only increase the copper losses. This is illustrated in
Fig. 4.5 for several inner rotor torque values. For every inner rotor d-axis current
Ir1d, the corresponding q-axis current has been numerically calculated using the




Np (Ψr1dIr1q −Ψr1qIr1d) (4.7)
In the latter equation the flux linkages as function of the different current compo-
nents were again calculated using FEM and saved in look-up tables as function of
all five current components. For the calculations, interpolation in the look-up tables
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been calculated using the measured dc-resistance at 20◦C, see table 1.1. It can be
concluded from the figure that the optimal inner rotor current is located along the
q-axis. Only at high inner rotor torques, the optimum is shifted towards a positive
d-axis current, as can be seen in the figure for Tr1 = 200 Nm. The reason for this
phenomenon is local saturation of one of the axes, inducing some saliency and thus
reluctance torque. The decrease in copper loss with respect to the operating point
along the q-axis (Ir1d = 0 A) is however less than 10W, and thus not significant.
The optimal inner rotor q- and d-axis currents Ir1q and Ir1d as function of the set
point inner rotor torque Tr1 is quantitatively given in Fig. 4.6. Note that also the d-
axis stator current Isd and the dc-field current Ir2d have a considerable effect on the
inner rotor flux linkage, as was shown in Fig. 3.12. This effect will be considered
















Figure 4.5: Copper losses as function of d-axis inner rotor current Ir1d for different inner
rotor torque values Tr1. Stator and outer rotor current components are zero.
4.2.4 Conclusion
To conclude, this section introduced the concepts of a low and high flux optimum
for the stator, and their location as function of the stator torque was given. Also
the optimal inner rotor currents are given as function of the inner rotor torque. The
location of both high and low flux optima will however be influenced by the inner
rotor torque Tr1, the outer rotor speed Nr2 and inner rotor speed Nr1 as well. It
can for instance be seen that the low flux optimum will become more favorable if
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Figure 4.6: Optimal inner rotor current Ir1q and Ir1d as function of the inner rotor torque
Tr1. All other current components are zero.
flux linkage. Also, due to the lower flux linkage, a higher outer rotor speed will
be possible without having to weaken the flux. On the other hand, the high flux
optimum will contribute to the magnetization of the inner rotor due to magnetic
coupling, so that a lower inner rotor current will be required for the same inner
rotor torque Tr1. Also the dynamical behavior of the machine is different in both
optima. All these effects on the local optima will be discussed in the next sections.
First, the magnetic coupling between stator and inner rotor is taken into account in
the next section 4.3.
4.3 Maximum Torque per Ampere for Stator and Inner
Rotor Simultaneously
Thus far the MTPA approach has been applied to the stator and inner rotor sepa-
rately. In reality both the stator and inner rotor currents are used to produce torque
on both shafts of the EVT. Currents in the inner rotor will influence the stator flux
linkage and the other way around. This will influence the location of the local
optima concerning the copper losses. In this section, the solution of the MTPA
algorithm is explained, taking magnetic coupling between stator and inner rotor
into account. First two important aspects of this magnetic coupling are highlighted
based on two specific examples in subsection 4.3.1. Next, in subsections 4.3.2 and
4.3.3 the solution of the MTPA algorithm is shown, i.e. the location of the optima
as function of both torque components. Also the sensitivity of the solution towards
modeling uncertainties and incorrect current control is given in subsection 4.3.4.
Note that speed dependencies of the local optima are not considered yet, but are
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4.3.1 Mutual Influence Between Stator and Inner rotor.
The influence of the stator currents on the inner rotor torque is for instance illus-
trated in Fig. 4.7. In the figure, the inner rotor currents are chosen according to
Fig. 4.6 in order to produce an electromagnetic rotor torque of −90 Nm. These
currents were however calculated for zero stator torque. If the latter torque is in-
creased, stator and outer rotor currents will be applied as well, influencing the inner
rotor magnetic field. As a result, the inner rotor torque Tr1 will deviate from its set
value as can be seen in the figure. If the stator is controlled in its low flux optimum,
the inner rotor torque decreases in absolute value since a demagnetizing equivalent
stator d-axis current is applied. This demagnetizing effect can also be noticed in
the d-axis inner rotor flux as was shown in Fig. 3.12. As a result, the correspond-
ing inner rotor torque will be lower (in absolute value) for the same inner rotor
currents. In the high flux optimum, the opposite can be noticed, i.e. an increase in
absolute inner rotor torque value due to a magnetizing stator d-axis current. Note
that also the stator torque Ts will not equal its set value due to the inner rotor cur-
rents. This will be shown in the next example where the influence of the inner rotor
d-axis current on the stator torque is considered.
A second example shows the effect of the inner rotor d-axis current Ir1d. This
current component has only a limited effect on the inner rotor torque Tr1 as was
explained in subsection 4.2.3. This current component however has a considerable
effect on the d-axis stator flux linkage Ψsd as was shown in Fig. 3.10. Especially
in the low flux region, the d-axis inner rotor current can increase the stator flux
linkage in absolute value. In the high flux region, due to saturation, the effect is
smaller. This is illustrated in Fig. 4.8. In the figure the same plot of Fig. 4.3c has
been given for different d-axis inner rotor currents Ir1d. Remember that each point
in the graph corresponds to the same stator torque Ts of 275 Nm. When including
the d-axis inner rotor current, the local minima need to be found in the three-
dimensional d-axis current space with axes Isd, Ir2d and Ir1d. The two local optima
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of Fig. 4.8a in the two dimensional space with Ir1d = 0 A, are no longer optima
in the three dimensional space with Ir1d 6= 0 A. The high-flux local optimum can
now be found for Ir1d = −8.6 A, while the low-flux local optimum can be found
at Ir1d = −78.4 A for this specific example.
In the figure it can be seen that the losses in the high flux optimum cannot
be decreased significantly when using the inner rotor d-axis current Ir1d. In the
high flux optimum the iron is highly saturated, so that an increase in inner rotor
d-axis current Ir1d only increases the copper losses Pcu, without contributing to
the stator flux. In the low flux optimum the effect is more pronounced, and the
local optimum can be found at an, in absolute value, higher inner rotor d-axis
current Ir1d than in the high flux optimum. For this specific stator torque, the
global optimum can thus be found in the low flux optimum, rather then in the
high flux optimum. The latter was the case if no magnetic coupling was taken
into account, as was shown in Fig. 4.8a. Finally note that the low flux optimum
is now located at an, in absolute value, lower dc-field current Ir2d, i.e. upward in
the graph. This is because the inner rotor d-axis current has a similar effect on the
d-axis stator flux linkage, so that the production of MMF is shared between both
current components in the local optimum.
From the two examples above, it can be concluded that:
• Controlling the stator in the high flux optimum, decreases the losses in the
inner rotor for a given inner rotor torque.
• When taking the effect of the inner rotor d-axis current on the stator torque
into account, the low flux optimum becomes more favourable. The shift from
low to high flux optimum is postponed to higher stator torques.
The two statements above seem somehow contradictory. The choice between
the low and high flux optimum will, in reality, depend on the specific values of
the torque set values for stator and inner rotor. If both torque values are low, the
low flux optimum will be favourable. If the stator torque becomes high enough,
a shift to the high flux optimum will minimize the copper losses in the machine.
This shift to the high flux optimum will be accelerated if a high rotor torque is
required at the same time. The shift is advantageous for the rotor for two reasons.
As shown in the first example, less q-axis inner rotor will be required. As shown in
the second example, the high flux optimum also corresponds to, in absolute value,
lower d-axis inner rotor currents. The (harder to cool) inner rotor will thus produce
less copper losses. Note that the iron losses are not considered yet. The latter will
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Pcu = 2596 W
(c) Ir1d = −78.4 A
Figure 4.8: Calculated copper losses in [W] as function of the d-axis stator current Isd and
the dc-field current Ir2d for different inner rotor d-axis currents Ir1d. Every
point corresponds to a stator torque Ts = 275 Nm. Inner rotor q-axis current
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4.3.2 Locus of the Optimal Current Set as Function of Two Indepen-
dent Torque Components
In the previous subsection, is has been illustrated, based on two specific examples,
that the magnetic coupling between stator and inner rotor cannot be ignored when
selecting the optimal set of currents for a given torque demand for stator and inner
rotor. To this end the minimization problem as stated in the introduction of this
chapter is solved. A steepest descend algorithm minimizes the copper loss in the
machine. There are five independent current components that can be applied to the
machine. However, there are two torque restrictions, see the introduction of this
chapter. For this specific minimization function, this means that there are three
independent variables left. These are the three d-axis current components Isd, Ir2d
and Ir1d. In every point of this three dimensional space, the corresponding currents
Isq and Ir1q can be calculated in order to result in the required electromagnetic
torque on stator and inner rotor. To this end (3.38) has been solved numerically as
shown in Fig. 4.9.
The fluxes used in the calculations are based on FEM calculations that were
stored in look-up tables. From all five current components finally, the copper loss






















A steepest descend algorithm is used to calculated the local optima in the
three-dimensional d-axis current space. This subsection presents and discusses
the outcome of the minimization problem (MTPA algorithm) as function of the
stator torque Ts and inner rotor torque Tr1. This solution is shown in Fig. 4.10,
Fig. 4.11 and Fig. 4.12 for an inner rotor torque of 0 Nm, −80 Nm and −160 Nm
respectively3. Each figure is divided into four sub figures. Figures (a) and (c)
show the location of the global (G), low flux (LF) and high flux (HF) optima in
the three dimensional d-axis current space as function of the stator torque Ts. In
figure (a) this torque is an implicit variable, so that the location of the optimum
can be visualized as function of the torque4. The stator torque is hereby increased
from −300 Nm to 300 Nm in steps of 20 Nm. Figure (c) gives the third dimension
in the d-axis current space, explicitly as function of the stator torque. Next, figure
(b) show the corresponding q-axis current components Isq and Ir1q for stator and
inner rotor respectively, calculated as explained in Fig. 4.9. Finally, the values of
the copper loss Pcu in the local minima are shown in figure (d). The difference
between the copper loss in the low and high flux optima will be further highlighted
in subsection 4.3.3.
3Negative values have been chosen, since this corresponds to a prime mover driving the EVT
inner rotor.














Ψsq = Ψsq (Isq, Isd, Ir2d, Ir1q, Ir1d)







Ψr1q = Ψr1q (Isq, Isd, Ir2d, Ir1q, Ir1d)
Ψr1d = Ψr1d (Isq, Isd, Ir2d, Ir1q, Ir1d)
solve
for Ir1q, with:






Stop iteration if both torques are satisfied
at the same time.
Figure 4.9: Numerical calculation of corresponding q-axis currents in every three dimen-
sional d-axis current point, and for a given torque on stator Ts and inner rotor
Tr1.
At zero inner rotor torque Tr1 = 0 Nm, the solution is symmetrical in the stator
torque Ts, i.e. the d-axis currents are the same, and the q-axis currents change sign
when the stator torque changes sign. See symmetry considerations in subsection
3.3.3. It can be seen that the global optimum equals the low flux optimum in all
operating points. Fig. 4.10a gives the location of this optimum as function of the
stator torque Ts. In Fig. 4.10c is can be seen that, in the low flux optimum, it is
useful to apply a negative d-axis inner rotor current Ir1d. As illustrated in the
previous subsection, this current component can magnetize the stator d-axis, and
thus supports the dc-field current in doing so. It can also be seen that this is not
the case in the high flux optimum, since the iron is strongly saturated. As a result
of using the d-axis inner rotor current Ir1d, also a small q-axis current Ir1q needs
to be applied in the inner rotor, see Fig. 4.10b, to keep the inner rotor torque zero.
Despite the corresponding losses in the inner rotor, this seems mathematically to
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Figure 4.10: Optimal current set and copper losses as function of the stator torque Ts ∈
[-300 : 20 : 300] Nm, for an inner rotor torque Tr1 = 0 Nm. (G) = global
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Figure 4.11: Optimal current set and copper losses as function of the stator torque Ts ∈
[-300 : 20 : 300] Nm, for an inner rotor torque Tr1 = −80 Nm. (G) = global
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Figure 4.12: Optimal current set and copper losses as function of the stator torque Ts ∈
[-300 : 20 : 300] Nm, for an inner rotor torque Tr1 = −160 Nm. (G) = global
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If the inner rotor torque Tr1 is changed to−80 Nm in Fig. 4.11, the symmetry in
Ts disappears, especially in the low flux region were the effect of q-axis current on
the magnetic flux distribution in the machine is highest, see subsection 3.3.3. For,
in absolute value, low stator torques Ts the low flux optimum still equals the global
optimum. Now however a shift to the high flux optimum is made if the absolute
value of the stator torque Ts is increased. The reason for this phenomenon was
already explained in the previous subsection. By shifting to the high flux optimum,
the inner rotor d-axis flux is increased, and so is the inner rotor torque for the same
inner rotor q-axis current. In other words, a lower inner rotor q-axis current can be
applied, decreasing the losses in the machine.
It can further on be noticed in Fig. 4.11 that the shift between low and high
flux optimum is different for positive or negative stator torques Ts. If the stator
torque Ts is negative (and thus has the same sign as the inner rotor torque Tr1)
both corresponding q-axis currents have the same sign as well. Their effect on the
q-axis flux linkage is thus a summing effect. If on the other hand, both torques
have a different sign, this effect on the q-axis flux is subtracting. As a result, the
component Ts,qd = −ΨsqIsd (see subsection 3.5.3, Fig. 3.21) of the stator torque
decreases in absolute value, and more q-axis stator current is needed to reach the
required stator torque in the same d-axis point. This increases the copper losses in
the machine. From the previous it can be concluded that, in the low flux region, the
copper losses are higher if both torque values have a different sign. This effect is
almost not present in the high flux region. To this end, when increasing the absolute
value of the stator torque, the shift to the high flux optimum is made earlier if the
stator torque is positive, as can be seen in Fig. 4.11.
Besides the shift to the high flux optimum, also the specific location of the
different optima has changed with respect to zero inner rotor torque. As already
stated, it is advantageous to increase the absolute inner rotor d-axis flux linkage
Ψr1d when applying an inner rotor torque Tr1. As a result, the local low flux
optima tend to ’move’ to lower (flux increasing) dc-field currents Ir2d and lower
(less flux decreasing) stator d-axis currents Isd with respect to zero inner rotor
torque in Fig. 4.10a. This will increase the inner rotor d-axis flux linkage Ψr1d due
to magnetic coupling. The relocation of the local minima is however different for
positive or negative stator torque. This means that, besides this first influencing
effect on the location of the low flux optimum related to increasing the inner rotor
flux linkage, other factors are present as well, which are different for a negative
and positive stator torque.
If the stator torque is positive, the component Ts,qd = −ΨsqIsd of the stator
torque decreases in absolute value, as was already mentioned. As a result, it turns
out that slightly increasing the absolute value of the d-axis stator flux Ψsd in the
other torque component Ts,dq = ΨsdIsq is optimal. This is done by decreasing the
d-axis currents in stator, outer and inner rotor. This second influencing effect on the
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decreasing all d-axis currents. For this reason, the locus of local low flux optima
for the positive stator torques has moved to lower d-axis currents in Fig. 4.11a and
Fig. 4.11c with respect to Fig. 4.10a and Fig. 4.10c respectively.
If, on the other hand, the stator torque is negative, there are two counteracting
phenomena acting on the location of the low flux minimum. As is the case for
positive stator torque, it is advantageous to increase the absolute value of the d-axis
inner rotor flux linkage Ψr1d in terms of inner rotor torque production, which can
be done by decreasing (making more negative) the dc-field current in the outer rotor
and decreasing (making less positive) the d-axis current in the stator5. This was the
already mentioned first influencing factor. The other effect also concerns the stator
torque. Now however, the term Ts,qd = −ΨsqIsd has increased in absolute value
due to the summing effects of both q-axis current components on the q-axis stator
flux Ψsq. To this end, it is optimal to decrease the absolute value of the d-axis
stator flux Ψsd in the other torque component Ts,dq = ΨsdIsq to yield the same
stator torque. This can be done by increasing the d-axis currents in stator, outer
and inner rotor6. As a net result of both phenomena, the dc-field current and d-axis
stator current have also decreased in Fig. 4.11a with respect to Fig. 4.10a, but the
effect is smaller than for positive stator torque values. On the other hand the d-axis
inner rotor current Ir1d has increased (more positive), see Fig. 4.11b with respect
to Fig. 4.10b, since this component is only influenced by one of both phenomena.
Next, also the corresponding q-axis current components have been plotted
again in Fig. 4.11b. Note for instance that the q-axis inner rotor current Ir1q is
lower in the high flux region due to the increased magnetic flux linkage with the
d-axis. Finally the corresponding losses can be seen again in Fig. 4.11d. It can be
seen that the difference between the low and high flux optimum is higher if the sta-
tor torque Ts is positive. This was explained previously by the fact that the losses
in the low flux optimum increase for positive stator torques.
For completeness, also the optima at a higher inner rotor torque Tr1 of
−160 Nm have been given in Fig. 4.12. This corresponds to an overload
condition for the prototype EVT, which has a rated inner rotor torque of about
Tr1 = ±137 Nm. The same phenomena as described for Tr1 = −80 Nm can be
seen here. Also it can be seen that for zero stator torque Ts = 0 Nm the optimal
inner rotor d-axis current Ir1d is positive. This is in correspondence to Fig. 4.5 and
is due to the limited amount of saliency in the inner rotor.
4.3.3 Copper Loss in Global, Low Flux and High Flux Optima
Thus far the location of the global, low flux and high flux optima has been given.
Also the copper losses have been plotted for some operating points. However on
the plots, the difference between both local optima is hard to be noted. To con-
clude the MTPA approach, the value of the copper losses in the low and high flux
5The d-axis inner rotor current has no effect, since the inner rotor has only low level of saliency.
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optima has been plotted in Fig. 4.13a and Fig. 4.13b for the prototype machine, as
function of the inner rotor torque Tr1 and stator torque Ts. To this end, for every set
of torques, both local optima are identified, and the copper losses are calculated.
Also the difference in copper loss between the low and high flux optimum is given
in the corresponding operating points in Fig. 4.13c. Negative values correspond to
the low flux optimum being the global optimum. For positive values the high flux
optimum should be selected. In the latter figure it can be seen that the solution is
point-symmetrical around the origin, i.e. remains the same if both torque values
change sign according to the symmetry considerations in subsection 3.3.3. Further-
more it can be noticed that the absolute difference between the low and high flux
optimum is rather low in large regions of the stator-inner rotor torque plane. The
relative difference in copper loss between both optima however can reach 60%,
especially at low torque values. The part load efficiency can thus significantly be
improved by selecting the correct local optimum. The line with zero difference
∆Pcu = 0 is the boundary line between low and high flux optimum being the
global optimum and is highlighted in the figure. As can be seen, at zero inner rotor
torque Tr1 the low flux optimum is selected at all times. When going to higher or
lower inner rotor torques, the shift to the high flux optimum is made earlier and
earlier. This conclusion was already made in subsection 4.3.1. Furthermore, if the
stator and inner rotor torque have different signs, the shift is made earlier than if
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(c) Pcu,LF − Pcu,HF
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4.3.4 Sensitivity Analysis
The data of Fig 4.10 - 4.12 can be stored in look-up tables and used in an online
controller, such as a DSP or FPGA, to control the torque on both rotors of the EVT.
However, since this is an open-loop torque control, the effect of small perturbations
due to model uncertainties and current control needs to be verified. In Fig. 4.8 for
instance, it can be seen that the low flux optimum is not very pronounced, i.e. a
small offset in d-axis stator current Isd or dc-field current Ir2d will not result in a
significant increase of the losses. Indeed, an increase in d-axis current or dc-field
current results in a decrease of the corresponding stator q-axis current as can be
seen in Fig. 4.1. The copper losses thus remain more or less the same in a certain
region around the local optima. This implies that an offset with respect to the
optimal point will not significantly increase the losses, making this torque control
algorithm practically relevant.
To verify this statement, the deviation from the local optima, corresponding
to an increase in theoretical copper loss Pcu of 1% with respect to the local opti-
mum, is calculated. First, the increase in d-axis stator current ∆Isd was calculated.
The other d-axis currents Ir2d and Ir1d were hereby held constant and equal to their
value in the considered local optimum. The q-axis currents Isq and Ir1q were calcu-
lated as such that the torques on stator and inner rotor remain the same. The result
is shown in Fig. 4.14a and Fig. 4.14b for an inner rotor torque Tr1 of −80 Nm
and −160 Nm respectively. As can be seen, the figures are based on Fig. 4.11a
and Fig. 4.12a, but the interval by which the stator d-axis current can be modified
without increasing the copper loss more than 1% is shown as well. This is done by
drawing in every local optimum a horizontal line to the left and right, correspond-
ing to the calculated increase or decrease in stator d-axis current Isd. Furthermore,
the same procedure has been repeated for a variation in dc-field current Ir2d in
Fig. 4.14c and Fig. 4.14d. This variation corresponds to a variation along the verti-
cal Ir2d-axis as shown in the figures. Finally, also the variation in d-axis inner rotor
current, corresponding to 1% copper loss, can be seen in Fig. 4.14e and Fig. 4.14f.
From the figures, two important conclusions can be drawn regarding the sensi-
tivity of the location of the local optima. First it can be seen that the corresponding
current variations are higher in the low flux region than in the high flux region.
Indeed, the low flux optimum is in all operating points of torque, shallower than
the corresponding high flux optimum. Further it can be concluded that the current
can deviate substantially from the local optima without significantly increasing the
copper losses. This phenomenon could for instance be used to decrease the inner
rotor copper loss. If the d-axis inner rotor current is decreased in absolute value,
the inner rotor copper loss will drop. On the other hand, more q-axis stator current
will be required to produced the same electromagnetic torque, yielding in about the
same total copper loss (1% increase). However, a bigger part of the total copper
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(a) Variation in Isd, Tr1 = −80 Nm.























(b) Variation in Isd, Tr1 = −160 Nm.























(c) Variation in Ir2d, Tr1 = −80 Nm.























(d) Variation in Ir2d, Tr1 = −160 Nm.













(e) Variation in Ir1d, Tr1 = −80 Nm.













(f) Variation in Ir1d, Tr1 = −160 Nm.
Figure 4.14: Sensitivity of total copper loss Pcu towards change in d-axis currents. Inter-
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4.4 Speed Dependency-Including Iron Losses
Thus far only the copper losses have been considered (MTPA approach), and there-
fore the optimization is strictly only valid at stand-still of both rotors. If the iron is
subjected to an alternating magnetic field, iron losses occur that will influence the
optimal current set for a given torque at given speed of both rotors. This means that
the new low flux optimum, i.e. the optimum when taking iron losses into account,
is expected to evolve further into the low flux region. Also, the shift to the high flux
region is expected to be postponed to even higher stator torques, again depending
on the inner rotor torque. This will be illustrated in subsection 4.4.1. The solution
of the optimization problem will be presented next in subsections 4.4.2 and 4.4.3.
It will be shown that the gain when moving from the optimal point at zero speed to
the optimal point at given speed (where iron losses are included) is only of practical
importance at outer rotor speeds Nr2 higher than 3000 rpm. This sensitivity analy-
sis is shown in subsection 4.4.4. During the optimization procedure in this section,
iron losses are calculated according to [74], where the material parameters have
been fitted to the no-load loss measurements, see chapter 5, subsection 5.5.3. As
both hysteresis, classical and excess losses increase with the magnetic flux density,
the iron losses will dominantly influence the high flux region.
4.4.1 Influence of Iron Losses on the Location of both Local Optima
To illustrate the effect of the rotational speed of the rotors on the location of the
low and high flux optima, the sum of calculated copper and iron losses Pcu +Pfe is
plotted in Fig. 4.15 as function of the stator d-axis current Isd and dc-field current
Ir2d. All points in all graphs correspond to a stator torque Ts of 125 Nm and inner
rotor torque Tr1 of −80 Nm. The d-axis inner rotor current Ir1d is set to 0 A7.
The different graphs show the location of the high and low flux optima, shown by
white bullets, for different outer rotor speeds Nr2. The inner rotor speed Nr1 is set
to zero in the graphs. If the outer rotor speed is increased, the iron losses in the
stator and inner rotor will increase. The stator iron loss is a function of the outer
rotor speed, while the inner rotor iron loss is a function of the speed difference
between both rotors as will be further explained in chapter 5. If the outer rotor
speed is increased, while the inner rotor is at standstill, both the stator and inner
rotor iron losses will thus increase. As a consequence, the total loss will increase,
especially in the high flux region. Therefore, the local optima will be relocated
towards operating points with lower flux linkage. As can be seen in the figures, the
low flux optimum moves, with increasing outer rotor speed, towards higher d-axis
stator currents Isd and (slightly higher) dc-field currents Ir2d, i.e. towards more
demagnetizing d-axis currents. This effect is even more pronounced for the high
7The local optima shown in the graph are strictly speaking not the local optima in the three-
dimensional d-axis current space. However, as was seen in 4.3.4 the optimal d-axis inner rotor
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flux optimum. Also here, the optimum is relocated towards demagnetizing d-axis
currents. Also, the positive convex area around this optimum decreases in size. At
a certain outer rotor speed, this local optimum even totally disappears as can be
seen in Fig. 4.15d. Although this operating point of stator and inner rotor torque is
located on the border between low and high flux optima in Fig. 4.13c, the low flux
optimum is clearly dominant when increasing the outer rotor speed. Note that if the
inner rotor speed Nr1 would be increased at zero outer rotor speed Nr2 the same
effect would be noticeable, although less pronounced. The stator iron losses are not
present at zero outer rotor speed, so that only the inner rotor iron loss increases. In
the high flux optimum, the inner rotor flux linkage is increased due to the magnetic
coupling between stator and inner rotor, and will therefore be less favorable as well
if the inner rotor speed is increased. The effect of the high stator flux on the inner
rotor flux linkage is however low. Also, the inner rotor iron losses are inherently
lower due to the lower mass of the inner rotor with respect to the stator. Therefore
it can be concluded that in general, the outer rotor speed Nr2 has a higher effect on


















































































































































(e) Nr2 = 6000 rpm
Figure 4.15: Evolution of local low flux (LF) and high flux (HF) optima for different outer
rotor speeds Nr2. Copper and iron loss Pcu + Pfe are plotted. Every point
in the graphs corresponds to a stator torque Ts = 125 Nm and inner rotor
torque Tr1 = −80 Nm. Inner rotor speed Nr1 = 0 rpm. Inner rotor d-axis
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4.4.2 Locus of the Optimal Current Set as Function of Two Indepen-
dent Torque Components and Two Independent Speed Compo-
nents
As was done before for the MTPA algorithm in subsection 4.3.2, the locus of the
optimal current set can be plotted for different inner and outer rotor speeds as well.
This is done in Fig. 4.16 - Fig. 4.19 for different inner and outer rotor speeds. In
Fig. 4.16 the d-axis currents and losses in the low and high flux optima are plotted
for zero inner rotor torque Tr1 and two different outer rotor speeds. This figure
can be compared to Fig. 4.10, where the same was shown for zero speed of both
rotors (MTPA algorithm). In Fig. 4.16a and Fig. 4.16b, the stator d-axis current Isd
and the dc-field current Ir2d corresponding to the low flux and high flux optima are
shown, with the stator torque Ts as implicit variable. In the first figure, the outer
rotor speed Nr2 is set to 3000 rpm, in the second figure to the maximum speed of
6000 rpm. Based on these figures, it can again be seen how the local optima move
in the Isd − Ir2d plane as the stator torque is increased. For in absolute value low
stator torque, it can be seen that the low and high flux local optima coincide in
the figures. In fact, the high flux local optimum does not exist at these speed and
torque values. The minimization algorithm (steepest descend algorithm) searches
for the high flux optimum, but ends up in the low flux optimum, since the first
does not exist. The higher the outer rotor speed, the higher the absolute value
of the stator torque before the high flux optimum appears again, as can be seen by
comparing Fig. 4.16a and Fig. 4.16b. Indeed, a high speed makes working at higher
flux unfavorable due to iron losses. Again note that, since the inner rotor torque
is zero, the solution is symmetrical in positive and negative stator torques. Next,
in Fig. 4.16c and Fig. 4.16d, the corresponding inner rotor d-axis currents Ir1d
are shown, explicitly as function of this stator torque Ts. Compared to zero speed
of both rotors in Fig. 4.10, the optimal inner rotor d-axis current has increased,
corresponding to a lower stator and inner rotor magnetic flux linkage. Finally, also
the sum of copper and iron loss Ploss = Pcu + Pfe has been plotted in Fig. 4.16e
and Fig. 4.16f. The figures again show that both local optima coincide at low stator
torque, and that the low flux optimum is the global optimum over the entire stator
torque interval, if the inner rotor torque is zero.
The same figures have been repeated in Fig. 4.17 and Fig. 4.18 for an inner
rotor torque Tr1 of −80 Nm and −160 Nm respectively. In subsection 4.3.2 it was
explained that the high stator magnetic flux linkage in the high flux optimum, due
to magnetic coupling between both rotors, also increases the inner rotor magnetic
flux linkage. This decreased the required q-axis inner rotor Ir1q currents for a
given inner rotor torque Tr1. At zero speed of both rotors, both optima were thus
shifted towards lower (magnetizing) d-axis stator current Isd and dc-field current
Ir2d, if an inner rotor torque is required as well. At higher speed of the rotors, a
high flux linkage is not favorable, since it increases the iron losses in stator and
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stator d-axis current and dc-field current, is smaller at higher speed. This can for
instance be seen by comparing both figures at 3000 and 6000 rpm outer rotor speed
respectively with Fig. 4.11 and Fig. 4.12 at zero speed. Also compared to the latter
figures, the interval of stator torques for which the high flux optimum is the global
optimum, is much smaller. In Fig. 4.17 at Nr2 = 3000 rpm, the high flux optimum
equals the global optimum only at high positive stator torques Ts. In the same
figure at Nr2 = 6000 rpm the low flux optimum is optimal in all operating points
given. The same trend can be noted in Fig. 4.18 when comparing an outer rotor
speed of 3000 rpm and 6000 rpm. In the latter figure, the interval of stator torque
in which the high flux optimum equals the global optimum is a little higher due to
the higher inner rotor torque (in absolute value).
Finally, also the influence of the inner rotor speed is shown in Fig. 4.19. In the
figure, the locus of optimal currents is shown for an inner rotor speed of 3000 rpm
and 6000 rpm. The outer rotor is maintained at standstill (Nr2 = 0 rpm), meaning
that the stator iron loss is zero. Therefore, only the inner rotor iron losses will
influence the locus of the optimal current set with respect to the MTPA approach.
This influence is much lower than the influence of the iron losses in the previous
figures for three reasons. First, if only the outer rotor is rotating, as was the case
in previous figures, both stator and inner rotor iron losses are present. If only the
inner rotor is rotating, only inner rotor iron losses are present. Secondly, the stator
d-axis current and dc-field current only have a limited effect (through magnetic
coupling) on the inner rotor magnetic flux linkage. Therefore, the local optima
will not change significantly along these axis. Thirdly, the inner rotor mass is
much lower than for the stator, so that this loss component is inherently low. By
comparing Fig. 4.19a at inner rotor speedNr1 = 3000 rpm, with Fig. 4.11a at inner
rotor speed Nr1 = 0 rpm it can indeed be seen that the locus of the current has not
changed significantly. At Nr1 = 6000 rpm in Fig. 4.19b the effect is more visible,
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(a) Nr2 = 3000 rpm


















(b) Nr2 = 6000 rpm














(c) Nr2 = 3000 rpm














(d) Nr2 = 6000 rpm
















(e) Nr2 = 3000 rpm














(f) Nr2 = 6000 rpm
Figure 4.16: Optimal current set, and copper and iron losses Ploss = Pcu +Pfe as function
of the stator torque Ts ∈ [-300 : 20 : 300] Nm, for a given speed of the
outer rotor Nr2. Inner rotor speed Nr1 = 0 rpm , inner rotor torque Tr1 =
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(a) Nr2 = 3000 rpm




















(b) Nr2 = 6000 rpm














(c) Nr2 = 3000 rpm














(d) Nr2 = 6000 rpm
















(e) Nr2 = 3000 rpm
















(f) Nr2 = 6000 rpm
Figure 4.17: Optimal current set, and copper and iron losses Ploss = Pcu +Pfe as function
of the stator torque Ts ∈ [-300 : 20 : 300] Nm, for a given speed of the
outer rotor Nr2. Inner rotor speed Nr1 = 0 rpm , inner rotor torque Tr1 =
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(a) Nr2 = 3000 rpm




























(b) Nr2 = 6000 rpm














(c) Nr2 = 3000 rpm














(d) Nr2 = 6000 rpm
















(e) Nr2 = 3000 rpm
















(f) Nr2 = 6000 rpm
Figure 4.18: Optimal current set, and copper and iron losses Ploss = Pcu +Pfe as function
of the stator torque Ts ∈ [-300 : 20 : 300] Nm, for a given speed of the
outer rotor Nr2. Inner rotor speed Nr1 = 0 rpm , inner rotor torque Tr1 =
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(a) Nr1 = 3000 rpm




















(b) Nr1 = 6000 rpm














(c) Nr1 = 3000 rpm














(d) Nr1 = 6000 rpm















(e) Nr1 = 3000 rpm
















(f) Nr1 = 6000 rpm
Figure 4.19: Optimal current set, and copper and iron losses Ploss = Pcu +Pfe as function
of the stator torque Ts ∈ [-300 : 20 : 300] Nm, for a given speed of the
inner rotor Nr1. Outer rotor speed Nr2 = 0 rpm, inner rotor torque Tr1 =
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4.4.3 Copper and Iron Loss in Global, Low Flux and High Flux Op-
tima
In the previous subsection, the location of the global, low flux and high flux optima
has been given for different speeds as well. Also the calculated copper and iron
losses have been plotted for some operating points. However, on the plots, the
difference between both local optima is hard to be noted. Therefore, the value
of the sum of copper and iron losses, in the low and high flux optima, can be
plotted for the prototype machine, as function of the inner rotor torque Tr1 and
stator torque Ts. In fact, these figures can be made for every combination of outer
rotor speed Nr2 and inner rotor speed Nr1. As already explained, the influence
of the inner rotor speed is small. Therefore two sets of figures have been made.
These are shown in Fig. 4.20 and Fig. 4.21 for an outer rotor speed of 3000 rpm
and 6000 rpm respectively.
In the first subfigure, Fig 4.20a and Fig 4.21a, the sum of copper and iron loss
in the low flux optimum has been plotted, while in the second subfigure, Fig 4.20b
and Fig 4.21b, the same losses in the high flux optimum are shown. Particularly
interesting is the difference between the loss in both optima, as shown in the last
subfigure, Fig 4.20c and Fig 4.21c. Negative values correspond to the low flux op-
timum being the global optimum. For positive values the high flux optimum should
be selected concerning global efficiency of the EVT. The line with zero difference
(Pcu,LF + Pfe,LF) − (Pcu,HF + Pfe,HF) = 0 W is the boundary line between low
and high flux optimum being the global optimum and is highlighted in the figure.
Note that there is also a region with label ’LF Only’. In this region, the high flux
optimum does not exist, as was already illustrated in subsection 4.4.1 and 4.4.2. In
this region, the steepest gradient optimization algorithm, tracking for the high flux
local optimum, ends up in the low flux optimum as well. Therefore, the calculated
difference between the losses in high and low flux optimum is obviously zero in
this region.
This latter region is particularly large if the outer rotor speed is high, as can be
seen by comparing Fig. 4.20c and Fig. 4.21c. In the latter figures, it can also be
seen that the region where the high flux optimum should be selected, i.e. where
it equals the global optimum, is restricted to the corners of the figure. This cor-
responds to operating points with both very high stator and inner rotor torque. In
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(b) High Flux Optimum Pcu,HF + Pfe,HF
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(c) (Pcu,LF + Pfe,LF)− (Pcu,HF + Pfe,HF)
Figure 4.20: Calculated copper and iron loss Pcu +Pfe as function of stator torque Ts and
inner rotor torque Tr1. Outer rotor speed Nr2 = 3000 rpm, inner rotor speed
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(a) Low Flux Optimum Pcu,LF + Pfe,LF
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(b) High Flux Optimum Pcu,HF + Pfe,HF
Pcu + Pfe [W]
Stator Torque Ts [Nm]
























































(c) (Pcu,LF + Pfe,LF)− (Pcu,HF + Pfe,HF)
Figure 4.21: Calculated copper and iron loss Pcu +Pfe as function of stator torque Ts and
inner rotor torque Tr1. Outer rotor speed Nr2 = 6000 rpm, inner rotor speed









4.4 Speed Dependency-Including Iron Losses 151
4.4.4 Decrease in Total Loss when Taking Iron Loss into Account
In 4.3.4 the sensitivity of the MTPA approach in the low and high flux optima were
considered. In that subsection, the influence of a deviation from the local optima on
the copper losses was considered. It was concluded that the current could deviate
substantially from its optimal set value without increasing the copper loss with
more than one percent. Due to this degree of freedom, the local optima could be
moved towards lower flux, and thus lower iron losses as was shown in the previous
subsections. In this subsection it is checked how much profit ∆P can be made by
doing so. In other words what is the difference between:
1. the total loss in the local optima calculated using the MTPA approach (i.e
without taking iron losses into account), but used without modification at
higher speed
2. the total loss in the local optima calculated by taking both copper losses and
iron losses into account
At higher speeds, the optimal point calculated using the MTPA approach is
not an optimum any more. Due to the iron losses, the local optima move towards
demagnetization of the stator and inner rotor, as was illustrated in Fig. 4.15. How-
ever, also at higher speeds, the low flux optimum is very shallow, i.e. a deviation
from this point will not lead to a substantial increase in loss. It could thus also
be an option not to take the relocation, due to iron losses, of the local optima into
account. This decision is quantitatively tackled here for the prototype machine.
A plot of the profit that can be made by shifting to the global optimum, taking
iron losses into account is shown in Fig. 4.22. The three subfigures correspond to
an inner rotor torque Tr1 of 0 Nm, −80 Nm and −160 Nm respectively. The stator
torque is represented on the horizontal axis, while the decrease in loss ∆P is shown
on the vertical axis. In Fig. 4.22a it can be seen that the decrease in loss is negligible
if the outer rotor speed Nr2 is lower than 3000 rpm. The figure is symmetrical in
the stator torque Ts, as explained in 3.3.3. Furthermore, the decrease ∆P in loss
decreases towards higher stator torques. The same can be seen in Fig. 4.22b for
an inner rotor torque of −80 Nm. The discontinuity is due to the shift made from
the high to the low flux local optimum. The MTPA point, calculated at zero speed,
is located in the high flux optimum, while the global optimum when taking iron
losses into account can be found in the low flux optimum. Note in the figure the
highlighted area, which corresponds to the different figures in Fig. 4.15 which were
calculated at a stator torque Ts of 125 Nm. It can be verified in the latter figures
that the difference between the losses in the global optimum (where iron losses are
considered) and the MTPA optimum is the value shown in Fig. 4.22b. Finally, in
Fig. 4.22c, the same plot has been shown for an even lower inner rotor torque of
−160 Nm. The decrease in loss ∆P is again more pronounced due to the shift









152 Optimal Current Selection for a Given Torque on Both Rotors
iron losses are taken into account. This shift can be found at (in absolute value)
lower stator torques than in Fig. 4.22b. This is because the high flux optimum is
more favorable if an (in absolute value) high inner rotor torque is required. From
previous analysis, it can thus be concluded that taking iron losses into account
in the calculation of the optimal set of currents in only relevant if the outer rotor
speed is higher than 3000 rpm. At higher speeds, the decrease in total loss is more
significant, especially if the relocation of the optimum results in a shift from the
high flux optimum to the low flux optimum.
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] Nr2 = 6000 rpm
Nr2 = 4500 rpm
Nr2 = 3000 rpm
Nr2 = 1500 rpm
(a) Tr1 = 0 Nm
-300 -200 -100 0 100 200 300







] Nr2 = 6000 rpm
Nr2 = 4500 rpm
Nr2 = 3000 rpm
Nr2 = 1500 rpm
Fig. 4.15
(b) Tr1 = −80 Nm
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] Nr2 = 6000 rpm
Nr2 = 4500 rpm
Nr2 = 3000 rpm
Nr2 = 1500 rpm
(c) Tr1 = −160 Nm
Figure 4.22: Decrease in total loss when shifting from the MTPA global optimum to the
global optimum, calculated taking iron loss into account. Inner rotor speed
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4.5 Temperature Dependency of the Location of Global,
Low Flux and High Flux Optimum
Next to the rotor speeds, also the winding temperatures can alter the location of
both local optima. If a copper winding gets hotter, its resistance will increase with
0.4% per degree Celsius. The optimization algorithm has until now been calcu-
lated with windings at room temperature (20◦C)8. At standstill, the optimal torque
control algorithm remains valid if the temperature of the stator, dc-field and inner
rotor winding is multiplied with the same gain. Only the absolute value of the
copper losses will be higher, and multiplied by this gain, but the location of the
optimal currents will remain unchanged. If the windings are hotter however, the
relative part of the copper losses increases with respect to the iron losses. There-
fore, the influence of the speed on the location of the optima will be a little lower
if the windings are running hotter. However, the temperatures of stator, inner and
outer rotor are not expected to be the same, nor are they expected to have the same
change in temperature as function of time. The stator of the prototype EVT for
instance is liquid cooled, while the outer and inner rotor are air cooled. Also, the
chosen stator, outer rotor and inner rotor currents depend on the operating point of
speed and torque which will change as function of time. If the ratio of the three
winding resistances changes, the location of the optimal current set will change as
well.

















Figure 4.23: Location of the low flux optimum as function of the outer rotor winding tem-
perature τr2. The mechanical operating point is given by: Ts = −120 Nm,
Ts = −80 Nm, Nr2 = 0 rpm, Nr1 = 0 rpm.
This is illustrated in Fig. 4.23 for the given mechanical operating point. In the
calculation of the optimal set of currents, the stator winding temperature τs has
been set to 40◦C, while the inner rotor temperature τr1 is much hotter at 140◦C.
In order to see the effect on the location of the low flux optimum, the outer ro-
8Also the remanent flux density of the magnets drops with about 0.12% per degree Celsius. This
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tor temperature τr2 has been varied between 20◦C and 160◦C. In the figure, the
variation of the low flux optimum has been shown. At outer rotor winding temper-
ature τr2 = 20◦C, the location of the low flux optimum is given by [Isd;Ir2d;Ir1d]
= [51;-2.1;-8.4]A. In the figure, the relative variation of the d-axis current compo-
nents with respect to this point are given. As was expected, when the outer rotor
is running hotter up to τr2 = 160◦C, the corresponding dc-field current drops to
only 70% of its value it had at τr2 = 20◦C. In order to keep both torques constant,
the other d-axis current components are automatically increased. In Fig. 4.24 the
corresponding q-axis current are shown as well, showing only a small fractional
increase, starting from [Isq;Ir1q] = [126.6;92.6]A at τr2 = 20◦C. Also shown, is the
evolution of the copper loss as function of this temperature variation. Two curves
are shown. The curve with temperature information, represents the copper losses if
the optimum current set is relocated with changing temperature, i.e. as was shown
in Fig. 4.23. The other curve shows the losses if the controller does not take the
changing temperature into account, i.e. the optimum current set is calculated at
room temperature, and applied to the machine at given temperature. This curve is
a linear function of the temperature, since the currents are constant (independent
of the real temperature) and the resistance is a linear function of the temperature.
As can be seen, the profit that can be made by taking temperature variation into
account in the control, is negligible for this specific example. It will be shown that
this is the case as well for other mechanical operating points.





























(b) copper loss Pcu
Figure 4.24: Location of the low flux optimum as function of the outer rotor winding tem-
perature τr2. The mechanical operating point is given by: Ts = −120 Nm,
Ts = −80 Nm, Nr2 = 0 rpm, Nr1 = 0 rpm.
4.5.1 Locus of the Local Optima as Function of the Winding Temper-
ature
In [56] a thermal analysis of a PM EVT with double layer of permanent magnets
(see subsection 2.4.2) on the outer rotor has been performed. In the paper the sta-
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ducts have been foreseen in the inner rotor, to be used for forced air cooling. With
the cooling system, the stator temperature could be kept around 40◦C at rated op-
eration. The outer rotor and inner rotor temperature are about 120◦C and 140◦C
respectively. For a hybrid excited EVT, the outer rotor temperature could be even
higher, due to the heat dissipated in the dc-field winding. Also, the EVT in [56]
has a rated power of about 10 kW only. Nevertheless, these temperatures have been
used here, and the corresponding locus of the optimal current set has been plotted
in Fig. 4.25. These figures can directly be compared to Fig. 4.11, were the opti-
mal current set was calculated at room temperature. It can be seen that, compared
to room temperature, the optimal current set has moved towards higher (lower in
absolute value) dc-field current Ir2d. Also the copper losses are higher, due to the
higher resistances. The most important difference however is that the shift from the
low flux to the high flux optimum has been postponed to higher stator torques. The
reason for this is that the dc-field current is, at higher temperature than the stator,
in this optimum high in absolute value.
4.5.2 Decrease in Total Loss when Taking Temperature Variations
into Account
In the example in the beginning of this section, it was already illustrated that little
profit can by made by taking the temperature variations into account in selecting
the optimal current set. The reason for this was already given in subsection 4.3.4.
It was shown that the optima are very shallow, i.e. a small variation of the current
with respect to this optimum does not lead to a significant increase in loss. If the
temperature is not taken into account in the optimization procedure, this leads to
a small deviation of the calculated optimal current set, with respect to the ’real’
optimum current set. This however only leads to a small, insignificant increase in
copper loss. This is for instance shown in Fig. 4.26. In the figure, the tempera-
tures are set to 40◦C, 120◦C and 140◦C for the stator, outer rotor and inner rotor
respectively. For different stator and inner rotor torques, the optimal set of currents
and the corresponding copper losses are calculated. This procedure is performed
twice. First, the given temperatures of the windings have been used. The second
time, all winding temperatures have been set to room temperature for the calcula-
tion of the optimal point. The ’real’ given temperatures are used for the copper loss
calculation. The decrease in loss when using the second approach with respect to
the first approach is given in Fig. 4.26. It can again be seen that this decrease is
very small, even if the difference between the ’real’ temperatures and room tem-
perature is very big. Therefore, it can be concluded that, taking the actual winding
temperatures into account in the calculation of the optimal current set, does not
significantly decrease the losses in the EVT. Note that the absolute value of the
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Figure 4.25: Optimal current set and copper losses as function of the stator torque Ts ∈
[-300 : 20 : 300] Nm, for an inner rotor torque Tr1 = −80 Nm. Stator
temperature τs = 40◦C, outer rotor temperature τr2 = 120◦C, inner rotor tem-
perature τr1 = 140◦C. (G) = global optimum, (LF) = low flux optimum, and
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Tr1 = 0 Nm
Tr1 = −80 Nm
Tr1 = −160 Nm
Figure 4.26: Decrease in copper loss when taking winding temperature into account in the
optimization procedure. Stator temperature τs = 40◦C, outer rotor tempera-
ture τr2 = 120◦C, inner rotor temperature τr1 = 140◦C. Speeds are zero.
4.6 Constraints for the Optimization Procedure
Every optimization procedure has certain constraints to be satisfied. Up to now,
the set of currents has been calculated that minimizes the global power loss in the
EVT machine. One important constraint is the maximum dc-link voltage of the
inverters. Due to this constraint, the maximum speed of the outer rotor, and the
maximum speed difference between both rotors is limited. A second constraint is
the maximum heat that can be dissipated in the different parts of the EVT. Due
to these constraints, the global optimum current set cannot always be applied to
the machine. It will be required to find another set of currents that minimizes the
losses, while taking both constraints into account.
4.6.1 Maximum Speed in Low Flux and High Flux Optima
The optimal torque control algorithm, as described in this chapter, selects for every
set of two torques and two speeds a set of five currents. These currents determine,
together with the permanent magnets, the magnetic field in the machine, and thus
the flux linkage with each winding. The time derivative of the flux linked with a
winding determines, together with the resistive voltage drop, the voltage over the
windings. Note that this flux linkage is also a function of the winding configuration.
In practice, two voltage source inverters are used to synthesize these voltages based
on a PWM (pulse width modulation) or SVM (space vector modulation) control
scheme. For an SVM control scheme, the maximum voltage is given by [71]:




with Vdc the inverter dc-bus voltage. From (3.18) this voltage is, in steady state,
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{
|Vs| = |RsIs + jωr2Ψs|
|Vr1| = |Rr1Ir1 + j (ωr2 − ωr1) Ψr1|
(4.10)
In previous equations (4.10), the maximum voltage magnitude of (4.9) can be sub-
stituted, and the equations can be solved for the maximum outer rotor speed ωr2 or
the maximum speed difference (ωr2 − ωr1) between both rotors. If the currents are
known from the control algorithm, the flux linkages can be calculated using look-
up tables based on FEM data. Note that the current set, calculated by the torque
controller, also depends on the speed, since iron losses are taken into account.
For the MTPA control algorithm9, the maximum speeds are plotted in Fig. 4.27.
In Fig. 4.27a, the maximum outer rotor speedNr2 as function of the stator torque Ts
is given. In the figure, the currents are controlled in the low flux region. With an (in
absolute value) increasing stator torque, the magnitude of the flux linked with the
stator is increased, so that the maximum speed decreases. If an inner rotor torque
Tr1 is applied as well, the optimal current set evolves towards lower d-axis stator
currents Isd and outer rotor currents Ir2d. This increases the flux linkage with the
stator with respect to zero inner rotor torque, so that the maximum speed is lower if
both torques are requested at the same time. Note that the outer rotor speed of the
prototype machine is mechanically limited at 6000 rpm as well. The same plot has
been shown in Fig. 4.27b for the high flux region. As the name of this region states,
the flux linkage with the stator is expected to be higher for the same stator torque.
This explains the lower outer rotor speed limit compared to Fig. 4.27a. When
increasing the speed and using the MTPA algorithm, it might thus be necessary to
shift to the low flux optimum, although this is not necessarily the global optimum.
Finally, the maximum speed difference |Nr2−Nr1| is visualized in Fig. 4.27c. This
speed difference is limited by the inner rotor voltage, and is shown for both the high
flux (HF) and low flux (LF) region as function of the inner rotor torque Tr1. The
inner rotor flux linkage magnitude slightly increases towards (in absolute value)
higher inner rotor torque, so that the corresponding maximum speed difference
drops. Finally, in the high flux region the maximum speed difference is slightly
lower due to the increased inner rotor flux linkage. The effects however are much
smaller than for the stator flux linkage due to the specific geometry of the outer
rotor, see section 3.3.
The same figure can be plotted for the optimal control algorithm that takes
iron loss into account. The set value for the speed determines the current set that
is optimal in terms of energy efficiency. This set of currents determines the flux
linkage, and thus the maximum achievable speed for a given dc-bus voltage. In
Fig. 4.28 this maximum speed and speed difference have been plotted for different
stator and inner rotor torques. The currents are calculated for a speed set value of
Nr2 = 6000 rpm for the outer rotor and Nr1 = 0 rpm for the inner rotor, using the
optimal control algorithm of section 4.4. In Fig. 4.28a the maximum outer rotor
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Tr1 = -140NmMechanical limit
(a) Outer Rotor Speed Nr2, Low Flux Optimum
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x LF: Ts = 140Nm
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(c) Speed Difference
Figure 4.27: Maximum outer rotor speed of the MTPA control algorithm, as function of
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(a) Outer Rotor Speed Nr2, Low Flux Optimum
-300 -200 -100 0 100 200 300















(b) Outer Rotor Speed Nr2, High Flux Optimum
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LF: Ts = 140Nm
LF: Ts = 280Nm
(c) Speed Difference
Figure 4.28: Maximum outer rotor speed of the optimal control algorithm that includes
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speed Nr2 can again be seen for the low flux local optimum. In Fig. 4.28b, for
completeness, also the corresponding maximum speed in the high flux optimum
is shown. As explained before in subsection 4.4.3, this local optimum is only
present for (in absolute value) high stator torques. Finally, also the maximum
speed difference is again plotted in Fig. 4.28c. In the latter, for the same reason
as above, only the low flux optimum has been plotted.
From these figures, two conclusion can be made. First, it can be seen that the
maximum speed in Fig. 4.28a is considerably higher than for the MTPA algorithm
in Fig. 4.27a. If also iron losses are taken into account, the flux linkage is automat-
ically weakened. Therefore, by taking the latter losses into account in the proposed
optimal control algorithm, not only the total machine losses are decreased, but also
the maximum speed for a given dc-bus voltage is considerably higher. Secondly, it
can be seen that, although the outer rotor speed set value is 6000 rpm, this speed
cannot be reached over the entire torque range for a given dc-bus voltage of 700 V.
If a higher speed is required, than the maximum speed given in Fig. 4.28a, the con-
trol algorithm needs to deviate from the (low flux) optimum, and penetrate deeper
into the low flux region10.
The use of a control algorithm which also takes the maximum speed into ac-
count is for instance illustrated in Fig. 4.29 for a stator torque Ts of 200 Nm, and
an inner rotor torque Tr1 of -80 Nm. In Fig. 4.29a the calculated losses are shown
as function of the d-axis stator current Isd and dc-field current Ir2d. The set point
of the outer rotor speed Nr2 is 6000 rpm. In the figure, the inner rotor d-axis cur-
rent (the third dimension perpendicular to the page) has been set to Ir1d = -35 A,
since this corresponds to the low flux optimum (LF). Also shown are the high flux
optimum (HF), and the MTPA local optima (LF MTPA and HF MTPA)11.
As can be seen, when taking iron losses into account in selecting the optimal
current set, the local optima move towards higher d-axis stator currents, as already
mentioned in subsection 4.4.2. In Fig. 4.29b the corresponding maximum outer
rotor speed in every operating point is shown. As can be seen, in the low flux op-
timum ’LF’, which is the global optimum concerning power loss in the EVT, the
maximum outer rotor speed is lower than 6000 rpm, but equals about 5200 rpm.
Therefore, the optimization algorithm should track for the optimal point minimiz-
ing the copper and iron losses, while taking the constraint of maximum voltage
(and thus speed) into account. In other words, look for the energetic optimal
point, among all points that have a maximum outer rotor speed higher or equal
to 6000 rpm. This optimal point is denoted by the word ’Optimum’ in the figure12.
The losses in this operating point ’Optimum’ are higher than in the low flux opti-
mum ’LF’, but the corresponding stator flux linkage is lower, so that the maximum
speed can be achieved.
10Assuming this is thermally feasible.
11Note that these latter local optima are not located in the Ir1d = -35 A plane. Shown are thus the
projections of these optima on this plane.
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(b) Maximum outer rotor speed for a dc-bus voltage Vdc of 700V
Figure 4.29: d-axis current plane Isd - Ir2d. Stator torque Ts equals 200 Nm, an inner
rotor torque Tr1 equals -80 Nm. Inner rotor speed Nr1 = 0 rpm, outer rotor
speed set value Nr2 = 6000 rpm. Inner rotor d-axis current Ir1d = -35 A.
The locus of the optimal current set, taking the constraint on the maximum
voltage into account, as function of the stator torque is summarized in Fig. 4.30 for
an inner rotor torque Tr1 of -80 Nm, outer rotor speed Nr2 of 6000 rpm, and inner
rotor speed Nr1 of 0 rpm. In the figures, the region of flux weakening is shown
as well. In this region the optimal current set deviates from the values calculated
before (were the constraint of maximum speed was not taken into account). This
set of figures can directly be compared to Fig. 4.17 calculated before at Nr2 =
6000 rpm without constraint on the dc-bus voltage. If no flux weakening is to be
applied, both figures Fig. 4.10 and Fig. 4.30 are identical. If flux weakening is
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Figure 4.30: Optimal current set and copper and iron losses as function of the stator torque
Ts ∈ [-300 : 20 : 300] Nm, for an inner rotor torque Tr1 = −80 Nm. The
outer rotor speed Nr2 equals 6000 rpm, the inner rotor speed Nr1 = 0 rpm.
(LF) = low flux optimum.
increased as explained before. Also, the losses are now much higher, since the
selected current set deviates from the energetic optimum in order to satisfy the
extra constraint. This can be seen by comparing Fig. 4.10d and Fig. 4.30d. For
every other operating point of inner rotor torque, outer rotor speed and inner rotor
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4.6.2 Heat Dissipation in Different EVT Parts
A second important constraint is the maximum dissipated heat in the different EVT
parts. The main heat sources in stator, outer rotor and inner rotor are the copper
and iron losses. By using the control algorithm presented in this chapter, the total
dissipated heat in the EVT machine can be minimized. However, sometimes it
might be necessary to deviate from these optimal efficiency points. The optimal
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Figure 4.31: Calculated copper and iron loss. Stator torque Ts = −250 Nm, inner rotor
torque of Tr1 = −100 Nm. The outer rotor speed Nr2 = 0 rpm, inner rotor
speed Nr1 = 2000 rpm. Inner rotor d-axis current Ir1d = 0 A.
An example is given in Fig. 4.31. This figure again shows the calculated copper
and iron losses. Every point corresponds to a stator torque Ts of −250 Nm, and an
inner rotor torque of Tr1 = −100 Nm. The outer rotor speed Nr2 is set to 0 rpm,
while the inner rotor speed is 2000 rpm13.
In Fig. 4.32a the loss in the stator, outer rotor and inner rotor has been plotted
separately. In this specific example, the stator losses consist only of copper loss
(standstill). The copper loss is the combined effect of the d-axis stator current Isd
shown on the horizontal axis, and the q-axis stator current Isq which depends on the
torque and the d-axis operating point. The latter current component was explained
before in subsection 4.2.2. In Fig. 4.32b the outer rotor copper losses are shown.
This map is independent of the torque, and only depends on the dc-field current,
displayed on the vertical axis. In Fig. 4.32c finally, the copper and iron losses in
the inner rotor are shown. From this figure it can be seen that the variation in inner
rotor loss is low. As already explained in section 4.3 these losses decrease towards
13In an HEV this corresponds to launch condition, while the combustion engine is operated in a
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the high flux region. In the latter region, the stator and dc-field current also increase
the inner rotor flux linkage. Hence, a lower inner rotor current is required for the
same inner rotor torque14.
In Fig. 4.31 it can be seen that the high flux optimum is the global optimum
concerning losses in the EVT, for the given mechanical operating point of torque
and speed. The difference with the low flux optimum however is only 110 W.
In Fig. 4.32b it is shown that the high flux optimum corresponds to a substantial
amount of copper losses in the dc-field winding. A thermal model is out of the
scope of this dissertation, but from measurement experience it is known that this
dc-field current might be too high. Therefore, it could be a solution to switch to
the low flux optimum, in order to decrease the outer rotor losses. This on the other
hand increases the inner rotor loss by 30%. If the inner rotor cooling system can
evacuate this heat, the low flux optimum is the obvious choice. However, if it
would turn out that the inner rotor runs to hot as well, neither of both optima can
be used.
Even in that case there are still infinitely many other possibilities. For instance,
the operating point could be relocated to the left of the low flux optimum. This
horizontal displacement in the graph does not affect the outer rotor copper loss, and
the inner rotor losses are decreased. On the other hand, as can be seen in Fig. 4.32a
this strongly increases the stator loss. However, since the stator is liquid cooled,
such an operating point might be feasible. To conclude, if the global optimum is
thermally possible, this operating point should be chosen. Otherwise, the other
local optimum can be used, or yet another point should be selected, moving the
heat dissipation to the liquid cooled stator. A thermal model is however out of the
scope of this dissertation.
4.6.3 Dynamical Performance
Finally, the dynamical behaviour of an EVT is different in the low and high flux
region. In section 3.4 the current control for an EVT was explained. For each of the
current components, a PI current controller is used. According to the dynamical
EVT model (3.22), each of the q- and d-axis equivalent windings behaves as aRL-
circuit, where the inductance L can be seen as the derivative of the flux linkage
with the winding to the current through the winding. The derivatives of the flux
linkage, with respect to the current components in other windings, due to cross
coupling with the other axis, and due to magnetic coupling between both rotors,
can then be seen as disturbance terms.
The inductance L however, strongly depends on the operating point in the d-
axis current space. In Fig. 3.8 for instance, it can be seen that the derivative of the
stator d-axis flux linkage Ψsd to the d-axis stator current, strongly depends on the
equivalent d-axis current. Also the effect of the stator q-axis current was visible.
14Note that if the speed difference between both rotors is higher, the iron loss in this high flux
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Due to these effects, the dynamical time constant LR depends on the choice between
the high and low flux optimum. In [28] it has been shown that the dynamical
response to a stepwise change in stator torque is about a factor 2.5 faster in the low
flux optimum, than in the high flux optimum. In the low flux optimum, an order of
magnitude of a few ms (as was verified in subsection 3.6.4) can be expected. For
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4.7 Experimental Verification
In this final section, the optimal torque algorithm, as presented in this chapter,
is verified on the prototype machine. A overview of the experimental setup was
shown in Fig. 1.7. In order to measure the losses in the EVT machine, a power
analyzer has been installed on the three-phase windings between the inverters and
the EVT. This power analyzer is able to measure electrical power from inverters
using PWM. This way both the electrical power to the stator Pel,s and inner rotor
Pel,r1 can be measured. Based on the torque and speed measurements, the mechan-
ical power from inner rotor Pm,r1 and outer rotor Pm,r2 can be measured as well.
The torque sensors have a rated torque of 100 Nm, and an accuracy class of 0.1%.
The speed measurements are based on incremental encoders, fitted to both rotors
of the EVT. Finally, also the dc-field power can be measured. The dc-field current
is supplied to the machine using a separate current regulated dc power supply. On
the power supply, both dc-voltage and dc-current can be measured, from which the
power Pel,r2 supplied, and thus dissipated in, the dc-field winding can be measured.
The total loss in the EVT machine can then be calculated, taking the power signs
of Fig. 1.4 into account, as:
Ploss = Pel,s + Pel,r1 + Pel,r2 − Pm,r1 − Pm,r2 (4.11)
Next, for each measurement, the mechanical operating point of both rotors needs
to be fixed. The speed of both shafts is controlled by two speed controlled 30 kW
two-pole induction machines. The torque on both shafts on the other hand is
controlled by the EVT, using the proposed torque control algorithm. The set
points of the currents in a qd-reference frame are applied to the machine using a
PI current controller for stator and inner rotor, as described in 3.4. Finally, the
temperature of the outer rotor is monitored by calculating the dc-field winding
resistance, as ratio of the measured voltage and current. By comparing this value
with its value at room temperature, an estimation of the average dc-field winding
temperature is derived.
4.7.1 Maximum Torque per Ampere for Stator
In this subsection, the experimental verification of the MTPA algorithm for the
stator is presented. This algorithm was explained in subsection 4.2.2, and gives the
optimal set of currents for stator q-axis current Isq, stator d-axis current Isd and
dc-field winding Ir2d in order to produce a required stator torque Ts of 75 Nm. The
inner rotor torque Tr1is set to zero, as are the inner rotor currents Ir1q and Ir1d.
The optimality of the torque control is considered by measuring over a working
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Figure 4.33: Measurements have been performed along the white line. Stator torque Ts =
75 Nm, inner rotor torque Tr1 = 0 Nm, outer rotor speed Nr2 = 200 rpm,
inner rotor speed Nr1 = 0 rpm.
During the measurements, the d-axis currents, as given in the operating line on
the figure, are applied to the machine. For the optimal torque control calculations,
the corresponding q-axis current Isq, is calculated as explained in Fig. 4.9. This
calculated current can deviate some Amperes from the real current that needs to be
applied in order to yield the required torques. Therefore, the applied q-axis stator
current during the measurements, has been increased or decreased with respect to
the calculated current, until the outer rotor torque measurement readout was stable
at 75 Nm, and the inner rotor torque measurement was zero.
These currents are, for every point of the operating line, plotted in Fig. 4.34. In
the figure, it can be seen that a good agreement exists between both the calculated
and measured currents. The measured q-axis stator current Isq is a little higher
(lower in absolute value) than the calculated one. Next to modeling simplifications,
this is also due to the fact that the outer rotor is used in generator mode, since Tr2 =
− (Ts + Tr1) = −75 Nm. Due to mechanical friction torque, the electromagnetic
torque needs to be a little lower in order to have the same torque read-out.
This torque measurement has been plotted in Fig. 4.35. Every measurement
point corresponds to the average torque in that operating point, measured over a
time period of 10 s. The averaging has been implemented to cope for the high
frequency variation (of about 2− 3 Nm) on the torque measurement. Even though
15Note that the speed of the outer rotor Nr2 has been set to 200 rpm. This is done to yield a better
torque measurement. At zero speed, the induction machines have difficulties to keep the rotors at
standstill, so that a high ripple on the torque measurements results. The iron losses however, which
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Inner Rotor Current Ir1q
Figure 4.34: Measured and calculated q-axis currents along the measurement line of
Fig. 4.33.











(a) Stator torque Ts










(b) Inner rotor torque Tr1
Figure 4.35: Torque measurement along measurement line.
the torque has been manually tuned (by changing the q-axis currents as explained
and plotted above), the torque is not exactly equal to its set value. Therefore, the
measured torque has been used in (4.11) to calculate the losses. Especially at high
speed measurements this is a necessity, since a small variation in torque can lead to
a big variation in measured power loss. Note that the inner rotor torque Tr1 tends to
be positive. This is because the inner rotor is dragged along by the faster rotating
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the different loss components will be considered in chapter 5.














Measured high flux optimum
Measured low flux optimum
Figure 4.36: Measured and calculated EVT machine loss along the measurement line of
Fig. 4.33.
Finally, the measured EVT machine loss along the measurement line of
Fig. 4.33 has been plotted in Fig. 4.36, along with the calculated losses. From
the figure, two important conclusions can be drawn. First, it can be seen that the
measured loss is substantially higher than the sum of calculated copper and iron
loss. Clearly, there is the need for a better understanding of the losses in an EVT,
a problem that will be tackled in chapter 5. It will be shown that the additional
loss will mainly be caused by mechanical losses, and electromagnetic losses due
to PWM current control. Secondly, although the measured losses are higher, the
location of the local optima is correctly predicted by the algorithm described in
this chapter.
4.7.2 Maximum Torque per Ampere for Stator and Inner Rotor Si-
multaneously - Influence of Inner Rotor d-Axis Current
During the previous measurements, the inner rotor currents were set to zero. In
subsection 4.3.1, it has been illustrated that the inner rotor d-axis current Ir1d can
be used as well to produce stator torque. This current component has a similar
influence on the stator magnetic field as the dc-field current. In subsection 4.3.4
however, it was shown that the improvements in copper loss are low when using
this current component. To validate these statements, the same mechanical oper-
ating point is considered, i.e. a stator torque Ts of 75 Nm and inner rotor torque
Tr1 of 0 Nm. The outer rotor was again rotating at Nr2 = 200 rpm, while the inner
rotor was at standstill. For the measurement line, the stator d-axis current Isd and
dc-field current Ir2d are fixed in the low flux optimum of Fig. 4.33. The d-axis
inner rotor current is then, in this operating point, increased from −35 A to 35 A.
Graphically, this would be a line through the low flux optimum in Fig. 4.33, but
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the losses in the three-dimensional d-axis current space, the local optima are not
necessarily located at Ir1d = 0 A anymore. The locus of the optimal inner rotor
d-axis current Ir1d was for instance plotted in subsection 4.3.2 for different torque
combinations. For this specific mechanical operating point, the local optimum is
expected to be found at Ir1d = −10 A.
























Figure 4.37: Measured and calculated q-axis currents along the measurement line. Isd =
41.5 A, Ir2d = −0.62 A. Stator torque Ts = 75 Nm, inner rotor torque Tr1 =
0 Nm, outer rotor speed Nr2 = 200 rpm, inner rotor speed Nr1 = 0 rpm.
Along this measurement line, the d-axis currents Isd, Ir1d and Ir2d are thus
determined. The q-axis currents Isq and Ir1q were, as in previous measurements,
manually increased or decreased until the read-out on the torque sensor was as
required. These q-axis currents were stored, and plotted in Fig. 4.37, along with
the currents predicted by the EVT model. Again, a good agreement can be seen.
The highest deviation between calculated and measured values can be seen for the
inner rotor current. In order to keep the inner rotor torque zero, more q-axis inner
rotor current was required than expected. This could be explained by the fact that
the applied d-axis inner rotor current Ir1d produces some torque when interacting
with the q-axis inner rotor flux Ψr1q. The latter flux linkage is probably the result
of the stator q-axis current Isq, as was shown in Fig. 3.13. Although this was also
taken into account by the model (the calculated q-axis inner rotor current is also
non-zero), this coupling might be slightly underestimated.
In Fig. 4.38 the corresponding losses along the measurement line are shown.
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Measured low flux optimum
(a) Measured












Calculated low flux optimum
(b) Calculated
Figure 4.38: Loss measurement along measurement line.
in chapter 5. Also, as previous, the model correctly predicts the location of the
local optimum. From this measurement, it can be shown that also the inner rotor
d-axis current can be used to produce the electromagnetic stator torque. It can also
be seen that the decrease in total copper loss when using this current component is
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4.7.3 Maximum Torque per Ampere for Stator and Inner Rotor Si-
multaneously - Influence of Inner Rotor Torque
In subsection 4.3.1 it has been illustrated as well that, when applying an inner rotor
torque Tr1, it is better to decrease the stator d-axis current Isd and the dc-field
current Ir2d. In the qd-frame used in this dissertation, this increases the stator and
inner rotor flux linkage. The effect on the inner rotor is however lower, and is the
result of magnetic coupling between the stator and inner rotor. Nevertheless, it
was shown in subsection 4.3.2 that due to the presence of inner rotor torque, the
low flux optimum is expected to move towards lower stator d-axis current Isd and
lower dc-field current Ir2d as is shown in Fig. 4.39. In this subsection, an inner
rotor torque Tr1 of −100 Nm has been applied, to verify the statements made. In
the latter figure, the measurement line has been shown as well. This line is again
constructed to be the interconnection between the high and low flux optima. The
inner rotor d-axis current Ir1d has been set to zero since its influence is low as was


















-100 -50 0 50 100 150



























Figure 4.39: Measurements have been performed along the white measurement line. Sta-
tor torque Ts = 75 Nm, inner rotor torque Tr1 = −100 Nm, outer rotor speed
Nr2 = 200 rpm, inner rotor speed Nr1 = 100 rpm. Inner rotor d-axis current
Ir1d = 0 A.
The q-axis currents to be applied to the machine are shown in Fig. 4.40. Re-
member that these currents were manually set in order to read the correct outer and
inner rotor torque measurement. Also the corresponding q-axis currents, calculated
by the model, are shown. Despite a small offset, a good agreement can be seen.
The measured torque is plotted in Fig. 4.41. Although the q-axis currents have
been set in such a way to measure the set value of the torque, there is always some
difference. This measured torque has been used for the loss calculations in (4.11).
Finally, the measured losses are compared to the calculated ones in Fig. 4.42. It
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Figure 4.40: Measured and calculated q-axis currents along the measurement line of
Fig. 4.39.
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Calculated high flux optimum
Calculated low flux optimum
(b) Calculated
Figure 4.42: Loss measurement along measurement line.
d-axis stator current Isd compared to Fig. 4.36, as was also predicted by the model,
and explained in section 4.3.
4.7.4 Influence of Iron Losses on the Location of both Local Optima
Finally, the influence of the rotational speed of both rotors on the location of both
optima, as described in subsection 4.4.2, is experimentally verified.
In subsection 4.4.2 it was shown that, due to the presence of iron losses, the lo-
cal optima move towards higher d-axis stator current Isd and dc-field current Ir2d,
i.e. towards lower flux linkage with stator and inner rotor. To verify this statement,
a measurement line as shown in Fig. 4.43 has been selected. This specific figure is
plotted for a stator torque Ts = 75 Nm, inner rotor torque Tr1 = 0 Nm, inner rotor
speed Nr1 = 100 rpm. The outer rotor speed Nr1 is set to 200 rpm. If this later
speed is increased however, the low flux optimum is expected to move towards
increased d-axis stator current, as was illustrated in subsection 4.4.1, Fig. 4.15.
In Fig 4.44, Fig 4.45 and Fig 4.46 the calculated and measured losses have been
shown for an outer rotor speed Nr2 of 200 rpm, 2000 rpm and 3500 rpm respec-
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Figure 4.43: Measurement line. Stator torque Ts = 75 Nm, inner rotor torque Tr1 =
0 Nm, outer rotor speed Nr2 = 200 rpm, inner rotor speed Nr1 = 100 rpm.
Inner rotor d-axis current Ir1d = 0 A.
towards higher d-axis stator currents. Also, it is shown that the models accurately
predict the location of the optima.
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Figure 4.45: Loss measurement along measurement line at outer rotor speed Nr2 =
2000 rpm.







































In this chapter, is has been shown how the torque of a hybrid excited EVT can be
controlled using its five current components. These are the stator qd-current com-
ponents, the dc-field current and the inner rotor qd-current components. For every
combination of stator and inner rotor torque, the three d-axis current components
can be chosen independently. The two remaining q-axis components are then fixed
in order to yield the required torque on both rotors.
In this three dimensional d-axis current space, the machine losses can be mini-
mized. For every set of torque and speed on both rotors, there are two local optima
to be found. One is located in the high flux region, the other in the low flux region.
Depending on the mechanical operating point, one of the two optima is dominant.
The low flux optimum is selected in most mechanical operating points. At low
speeds, the high flux optimum can be favorable if both the stator and inner rotor
torque are very high in absolute value. At lower and rated torques, the low flux
optimum should be selected. It was also shown that this latter optimum is not
very pronounced, i.e. a small deviation from the local optimum will not lead to
a significant increase in loss, making this operating point practically very useful.
The latter optimum is also favorable at higher speeds, since the corresponding iron
losses are low, and the maximum outer rotor speed is higher for the same dc-bus
voltage. It has been shown that, if the outer rotor speed is higher than 3000 rpm
a significant decrease in total loss can be expected if the iron losses are taken into
account in finding the optimal set of currents. Finally, it was concluded that taking
the winding temperature into account in the optimization procedure, will not lead



















Identification of Power Losses
and Energy Efficiency Evaluation
As the efficiency of an EVT, an alternative power-split transmission, is crucial, the
different loss components in the machine are examined in this chapter. An accurate,
but quick to compute EVT loss model is proposed. The model is based on a series
of no-load measurements, which are also explained in this chapter. Finally, the
efficiency of the machine in a set of operating points is analyzed and shown.
5.1 Introduction
In the previous chapter, the optimal set of currents that minimizes the sum of copper
and iron losses in an EVT, has been calculated as function of the mechanical oper-
ating point of both rotors. During the experimental verification, it has been noticed
that, although the location of the optimal current set has been correctly predicted
by the models, the total loss in the machine was higher than expected. To this end,
it is necessary to investigate the losses in an EVT into detail [75]. This is required
to predict the efficiency of this kind of machines in different operating points of
speed and torque on both rotors. Since an EVT is to be used as power split device,
this knowledge is crucial. Also, by separating the losses into their different origins,
it can be seen where the design can possibly be improved. Finally, since different
loss components scale in a different way with the machine dimensions, separating
the losses is a requirement to make scalable EVT models. In this chapter, first a
theoretical framework is constructed to integrate the different loss components of
an EVT system into a practical and quick to compute loss model. Based on the set
points of torque and speed on both rotors, this model is able to predict the different
power flows in an EVT, including the effect of the losses. This includes copper,
iron, magnet, bearing and slip ring friction, and inverter losses. In order to eval-
uate the model, different parameters are needed. These are the friction torques of
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be extracted from no-load measurements on an EVT. In contrast to conventional
electrical machines, an EVT has more degrees of freedom, which can be exploited
to measure the different loss contributions separately. To this end, measurements
of both torque and speed sensors in different operating points are combined. These
models are then verified on additional no-load measurements. Next, it has been
seen that, although the resulting model can accurately predict the no-load losses,
the losses under load are still higher than expected. It has been seen and verified
that these extra losses can mainly be explained by the effect of the high frequency
current ripple on the machine iron losses, due to the PWM switching inverters. Fi-
nally, the loss models are experimentally verified under load, and a set of efficiency
maps are calculated and measured on the prototype EVT.
5.2 Including Iron Losses in the Electromagnetic Power
Balance
In (3.18), the electromagnetic relations between voltage, flux and current were
given for the different windings of an EVT. It was shown that these equations can be
used to model the dynamical behavior of the machine. In terms of losses however,
only copper losses are included, as can be seen by the resistive voltage drop RI in
each of the equations of (3.18). Iron loss, another important electromagnetic loss
component, is however not included by this model as such. To this end, an extra
subscript ’0’ has been added to the flux terms of (3.18), yielding for the stator and
inner rotor windings: 










Vr1q = Rr1Ir1q +
dΨr1q0
dt
− (ωr2 − ωr1) Ψr1d0
Vr1d = Rr1Ir1d +
dΨr1d0
dt
+ (ωr2 − ωr1) Ψr1q0
(5.2)
where (5.1) models the stator and (5.2) the inner rotor. The subscript ’0’ indicates
that the flux linkage with a winding is changed by the presence of iron losses in the
machine. Iron losses are partially caused by eddy currents in the lamination stacks,
producing a magnetic field as well. The sum of all the eddy currents in the different
laminations, changes the magnetic flux linkage with the windings. The subscript
’0’ indicates that the flux linkages are the combined effect of the armature currents
and the eddy currents. Also, the induced eddy currents in the laminations dissipate
power, depending on the conductivity of the iron, and thus contribute to the iron
loss in the machine. To this end, it is convenient to represent the iron losses by
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and (5.2) in (sinusoidal) steady state. Under steady-state condition, the equations
can be represented by means of an equivalent scheme, as is done in Fig. 5.1. The
nonlinear iron loss resistances Rfe,s and Rfe,r1 represent the influence of the iron


























(d) inner rotor d-axis
Figure 5.1: Steady-state equivalent scheme. ∆ωr2,r1 = ωr2 − ωr1.
Note that the different equivalent schemes in Fig. 5.1 cannot be solved sep-
arately. As shown in (3.21), each flux component is a function of five indepen-
dent current components. To this end, the equivalent schemes are solved simul-
taneously. Also, the iron loss resistances Rfe,s and Rfe,r1 are a nonlinear func-
tion of the current, and the speed of both rotors as explained before. To this
end, the equivalent schemes need to be solved iteratively, as is schematically ex-
plained in Fig. 5.2. In the figure, it is assumed that all currents are known. Prac-
tically, they can be applied to the machine using a PI current controller. Also the
speeds of both rotors ωr2 and ωr1 are known. The goal is to calculate the current
I0 =
[
Isq0 Isd0 Ir1q0 I1rd0
]
, since these currents determine the electromag-
netic torque on both rotors, and thus the mechanical power related to each shaft.
In a first iteration, the iron losses are ignored, i.e. Rfe,s = Rfe,r1 = ∞. From this
first estimate of I0, the corresponding flux linkages with stator and inner rotor q
and d-axes are calculated using FEM. These current to flux relations for the proto-
type machine were described into detail in section 3.3. From the flux linkages, the
induced voltages in each winding can be calculated. Also, when knowing the flux
linkage, and the speed of both rotors, the iron losses in stator and inner rotor can








































− (ωr2 − ωr1) Ψr1d0
(ωr2 − ωr1) Ψr1q0

induced voltage iron loss calculation
Pfe,s = Pfe,s (Ψ0, ωr2, ωr1)
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Figure 5.2: Iterative solving method for the equivalent scheme of Fig. 5.1 when the input









5.2 Including Iron Losses in the Electromagnetic Power Balance 185
Using the dissipated power in the iron loss resistances, the value of the resis-
tances itself can be calculated. Finally, the current I0 can be calculated, which can
be used in a second iteration. From the solution of Fig. 5.2, the voltages at the
machine terminals can be calculated using (5.1) and (5.2) in steady state or using:
Vsq = RsIsq +Rfe,sIsqi
Vsd = RsIsd +Rfe,sIsdi
Vr1q = Rr1Ir1q +Rfe,r1Ir1qi
Vr1d = Rr1Ir1d +Rfe,r1Ir1di
(5.3)
with the iron loss resistancesRfe,s andRfe,r1 and the currents calculated in Fig. 5.2.
The electrical power for stator and inner rotor can now be calculated using the





















































Ta,s and Ta,r1 are the so called air gap torque onto the stator and inner rotor respec-
tively. These expressions for the torque are in agreement with (3.38), where the
subscript ’0’ has been added to include the effect of iron losses. This torque is the
result from the interaction between the flux linked with and current through stator
and inner rotor windings. Note that due to action-reaction the air gap torque on the
outer rotor is the (negative) sum of both previously mentioned torque interactions:
Tr2,a = − (Tr1,a + Ts,a) (5.7)
The power equations (5.5) can finally be written as:{
Pel,s = Pcu,s + Pfe,s + Pa,s
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represent the power leaving the stator and inner rotor using the air gap magnetic
field, the so called air gap power or electromagnetic power. Finally, ωr1Np Ta,r1 is the
mechanical power leaving the inner rotor (if no mechanical losses are considered).
The electromagnetic power flows and power reference directions for stator and





Figure 5.3: Definition of electromagnetic power flow reference direction. Control volume
can be stator or inner rotor.
5.3 Adding Mechanical Losses to the Electromagnetic
Power Balance
Next to the air gap torque Ta, also mechanical friction torque acts upon both rotors.
To support the two rotors, the machine is equipped with four bearings bi, i ∈
{1, 2, 3, 4}, as can be seen in Fig. 5.4 where a schematic of the machine is given.
Also the slip ring units for inner rotor (sr1) and for the DC-field winding (sr2) are
visible. Finally, the sign conventions for torque and speed are shown in grey.
5.3.1 Inner Rotor
The torque on the inner rotor is the combined effect of electromagnetic and me-
chanical torque interactions. The electromagnetic torque interaction is a torque
across the air gap between both rotors, and was called air gap torque Ta as intro-
duced in section 5.2. Additionally, the mechanical friction torque caused by the
left bearing Tb1 and the AC slip ring unit Tsr1 provide a torque on the inner rotor
which is opposite to the inner rotor speed, thus resulting in power loss. The friction
























Figure 5.4: Schematic of bearing and slip ring configuration.
motion of inner and outer rotor. If the outer rotor is rotating faster than the inner
rotor, the bearings provide a positive torque contribution on the inner rotor, while
the opposite is true if the inner rotor is the faster rotating one. This interaction has
a similar effect as the inner rotor iron losses. The torque onto the inner rotor Tr1
can thus be written in terms of the different contributions:
Tr1 = Tr1,a − (Tb1 + Tsr1) sign(Ωr1) + (Tb2 + Tb3) sign(Ωr2 − Ωr1) (5.11)
where Ωr1 = ωr1Np and Ωr2 =
ωr2
Np
are the mechanical speed of the inner and outer
rotor respectively. Note that under no-load the air gap torque Tr1,a is only due to





which can be seen based on (5.5). Also note that the bearing torque Tbi,
i ∈ {1, 2, 3, 4}, the slip ring friction torque Tsr1 and the inner rotor iron loss Pfe,r1
are positive numbers, and that sign functions have been added to denote the correct
orientation of the torque.
Also the different power flows corresponding to the inner rotor can now be
seen by multiplying (5.12) with the inner rotor speed. The total mechanical power
leaving the inner rotor Pm,r1 is given by:
Tr1Ωr1 = Tr1,aΩr1 − (Tb1 + Tsr1) |Ωr1|+ (Tb2 + Tb3) sign(Ωr2 − Ωr1)Ωr1 (5.13)
The first term Tr1,aΩr1 can be seen as power that is converted in a mechanical way,
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also be written as Pel,r1−Pa,r1−Pcu,r1−Pfe,r1. Due to the friction torque however,
the bearings and slip rings are responsible for the dissipation and transfer of power
as well. In the inner rotor bearing and slip ring unit, power is being dissipated only:
Pb1 = Tb1|Ωr1| (5.14)
Psr1 = Tsr1|Ωr1| (5.15)
were Pb1 represents the dissipated power in bearing 1, and Psr1 the dissipated
mechanical power in the slip ring unit. The sum of both loss components forms the
second term of (5.11). The bearings 2 and 3 between both rotors on the other hand,
not only dissipate power, but also transfer power between both rotors, as a result of
the (small) friction torque in the bearings. The dissipated power
Pb2 + Pb3 = (Tb2 + Tb3) |Ωr2 − Ωr1| (5.16)
in the two bearings, can to this end be written as:
Pb2 + Pb3 = (Tb2 + Tb3) sign(Ωr2 − Ωr1)Ωr2︸ ︷︷ ︸
Pr2→b2b3
+ (Tb2 + Tb3) sign(Ωr1 − Ωr2)Ωr1︸ ︷︷ ︸
Pr1→b2b3
(5.17)
(5.17) shows that the dissipated power is the sum of two power terms, repre-
senting the power from the outer rotor to the bearing system, and the power
from the inner rotor to the bearing system respectively. Suppose both rotational
speeds are possitive, and the outer rotor is rotating faster than the inner rotor,
i.e. if sign(Ωr2 − Ωr1) > 0. In this case, Pr2→b2b3 is positive, and represents
mechanical power from the outer rotor to the bearing system of bearings 2
and 3. According to (5.17) part of this power is dissipated into the bearing
system, while the remaining part of the power is transferred to the inner rotor.
This corresponds to a negative Pr1→b2b3. If on the other hand the inner rotor
is the faster rotating one, power is transferred from the inner rotor, partially
to the bearings where the power is dissipated, and partially to the outer rotor.
If (5.17) is used, all signs are automatically correct, by means of the sign-functions.
Summarized, the mechanical power leaving the inner rotor can be written as:
Pm,r1 = Pel,r1 − Pa,r1 − Pcu,r1 − Pfe,r1 − Pb1 − Psr1 − Pr1→b2b3 (5.18)
Note that the values of the friction torques Tb and Tsr will be identified for the
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5.3.2 Outer Rotor
The outer rotor air gap torque Tr2,a is, due to Newtons 3rd law, equal to the (neg-
ative) sum of the inner rotor Tr1,a and stator Ts,a torque contribution according
to (5.7). This torque interaction is the combined effect of inner rotor and stator
currents and iron loss in inner rotor Pfe,r1 and stator Pfe,s. The latter are caused by
the outer rotor rotation with respect to the stator and inner rotor, usually at differ-
ent speeds. Also the frictional moments of bearings 2,3 and 4 from Fig. 5.4, and
the friction torque by the DC slip rings Tsr2 are required, taking into account the
appropriate sign:
Tr2 = Tr2,a − (Tb2 + Tb3) sign(Ωr2 − Ωr1)− (Tb4 + Tsr2) sign(Ωr2) (5.19)







which can be seen based on (5.5). By multiplying (5.19) with the outer rotor speed
Ωr2 the different power flows corresponding to the outer rotor can be seen:
Tr2Ωr2 = Tr2,aΩr2 − (Tb2 + Tb3) sign(Ωr2 − Ωr1)Ωr2 − (Tb4 + Tsr2) sign|Ωr2|
(5.21)
Again, the different power terms can be identified. The first term Tr2,aΩr2 is the
power that can be transferred by the outer rotor in a mechanical way, if mechanical
losses are ignored. This power flow is the sum of the stator and inner rotor air
gap power Pa,s + Pa,r1. The second term is the power leaving the outer rotor by
means of the bearing unit 2 and 3. As can be seen from (5.17), part of this power is
dissipated in the bearings, while another part is transferred to the inner rotor. The
last term finally is the power being dissipated in the bearing supporting the outer
rotor with respect to the housing, and the power dissipated in the outer rotor slip
ring unit:
Pb4 = Tb4|Ωr2| (5.22)
Psr2 = Tsr2|Ωr2| (5.23)
All power relations with the outer rotor can be summarized as:
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5.3.3 Stator
In most cases the reaction torque on the stationary stator cannot be measured. How-
ever, since the sum of the torque on the stator, inner and outer rotor should be zero,
the stator reaction torque can be calculated by adding torque from (5.11) and (5.19).
This way the stator and inner rotor iron loss can be computed separately:
Ts = −(Tr2 + Tr1) (5.25)
= Ts,a + (Tb1 + Tsr1) sign(Ωr1) + (Tb4 + Tsr2) sign(Ωr2)





which can be seen based on (5.5). The torque measurement on the inner rotor is
thus an indication for the inner rotor iron loss according to (5.12), while the sum
of both torque sensors gives information about the stator iron losses according to
(5.26) if the bearing and slip ring losses are known. This will be used in subsection
5.5.3 to identify the iron losses based on no-load measurements. Note that no
mechanical power is associated to the stationary stator. To this end, the stator
power balance is restricted to (5.8):
Pel,s = Pcu,s + Pfe,s + Pa,s (5.27)
To summarize the power relations, all power flows are for instance illustrated in
Fig. 5.5 for an operating point for which Ωr1 > Ωr2 > 0, Tr1 < 0, Tr2 > 0 and
Ts < 0.
5.4 Practical Loss Model for the EVT
Based on the theoretical framework in sections 5.2 and 5.3, a practical model can
be made, calculating all power flows within the EVT. It is assumed that all current
components are known, as are the speeds of inner and outer rotor. In reality, these
currents are applied to the machine using PI current controllers. The set values for
the currents were calculated in the previous chapter 4. The speeds on the other hand
are the result of the torque being transferred to a load. From these inputs, all power
flows in the machine can be calculated, as are the losses, the air gap torques, the
shaft torques, and the voltages. The different calculation steps will be summarized
in this section.
Suppose all currents applied to the machine, and the speeds of both rotors are
known:



























Figure 5.5: Example of power flow and loss contributions in one specific operating point.
Losses are exaggerated.
• The corresponding voltages at the machine terminals can be calculated ac-
cording to (5.3). In reality these voltages are applied to the machine by the
PI current controllers.
The torque:
• The corresponding electromagnetic or air gap torques can be calculated ac-
cording to (5.6) and (5.7).
• In reality, only the shaft torques can be measured. These torques can be
modeled based on (5.11), (5.19), and (5.25).
The power flows:
• The copper and iron losses follow from the equivalent scheme, and can be
calculated as is done in (5.5).
• Also the electrical power to stator and inner rotor can be calculated based on
the voltage and current according to (5.4).
• The air gap power, the power leaving the stator and inner rotor by means of
the magnetic field in the air gap, can be calculated according to (5.9) and
(5.10).
• The power dissipated in bearing 1 and slip ring unit 1 is given by (5.14) and
(5.15).
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• The dissipated power in bearing 4 and slip ring unit 2 can be calculated
according to (5.22) and (5.23).
• In subsection 5.6.2, also extra losses under load, the so-called PWM induced
iron losses, will be included.
Based on the previous algorithm, all power flows visualized in Fig. 5.5 can be
calculated, if the correct parameters are know. These include magnetic parameters
of the iron used for iron loss calculations, the bearing friction torques, the slip ring
friction torques, and inverter loss parameter. If no EVT prototype is available, the
parameters can be retrieved from manufacturer data. For instance, iron loss pa-
rameters, fitted on Epstein measurements, are tabulated for different steel grades.
A bearing manufacturer provides a bearing loss calculator as well, from which the
bearing friction torque can be derived. The model described in this section can
then be used to predict the losses in the EVT machine. If on the other hand a pro-
totype machine is available, different measurements can be performed to identify
the correct parameters. In this case, the model can be used to accurately separate
the losses in the machine. A method to extract these parameters from the prototype
machine will be given in the next section 5.5.
5.5 Identification of Losses in the Prototype EVT Based
on No-Load Measurements
In order to predict the energy efficiency of an EVT, an accurate loss model is re-
quired. This model, as introduced in the previous sections, depends on certain loss
parameters. These parameters can be obtained from manufacturer data. The iron
laminations for instance are made of NO20 steel, from which the iron loss coeffi-
cients are know. Also, the bearing manufacturer foresees a calculator to predict the
friction losses in the bearings, if the load and rotational speed are known. When
a prototype machine is available, these loss models and loss coefficients can be
verified and possibly adapted to represent the real machine behavior. In order to do
so, the losses need somehow to be measured separately. In contrast to conventional
electrical machines, this machine has more degrees of freedom, which can be ex-
ploited to measure the different loss contributions separately. On the other hand,
more loss parameters need to be determined. This section proposes a methodology
to identify and measure the different loss components in this kind of machines.
The proposed method is able to identify the iron losses in stator and inner rotor,
the copper losses, bearing losses and slip ring friction losses separately. To this
end, measurements of both torque and speed sensors in different operating points
are combined. The methods, generally applicable to an EVT, are here applied to
identify the different loss contributions in the prototype permanent magnet assisted
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losses is necessary to identify the iron losses in stator and inner rotor, which are
considered next.
5.5.1 Slipring Friction Torque Identification
The frictional moment due to the sliprings can be identified by comparing measure-
ments with and without the slip ring units. This is done by mechanically removing
the slip rings brushes. As for the AC slip ring unit, the inner rotor was driven at
different speeds. The outer rotor was rotating at 15 rpm in order to avoid the in-
fluence of static friction of the bearings on the torque measurements. The result of
the torque measurements with and without slip rings is plotted in Fig. 5.6. In the
absence of slip rings, the inner rotor torque measurement Tr1 decreases, while the
outer rotor torque measurement Tr2 is not affected in accordance with equations
(5.11) and (5.19) respectively. The difference in torque is the AC slip ring friction
torque Tsr1, and is displayed in Fig. 5.7 as function of the inner rotor speed. Its
average value is:
Tsr1 ≈ 0.12 Nm (5.28)
This corresponds to about 40 W no-load loss at 3000 rpm inner rotor speed. Note
that the slip ring frictional moment decreases when currents are applied since very
locally some material is melted [76]. This however will result in electrical losses
as well. For a comparable slip ring unit in [76] this led to about 10 W of elec-
trical power loss per phase at a current 100 A and 1000 rpm, independent of the
electrical frequency of the current. Furthermore, the use of a slip ring unit for an
electromagnetic torque converter for HEV applications has been considered in [77]
and [78]. Wear characteristics with respect to current and temperature are quanti-
fied. The authors come to a practical number of 200000 km, before the unit needs
to be replaced.












Figure 5.6: Torque Measurements with and without AC slip ring (sr1) unit. Nr2 = 0 r/min.
Also for the DC slip ring unit, an analog measurement has been carried out.
The difference between both experiments is not measurable within the accuracy of
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Measured AC slipring friction torque
Average
Figure 5.7: Measured AC slip ring friction torque.
5.5.2 Bearing Friction Torque Identification
The frictional power loss caused by the four bearings strongly influences the no-
load measurements, and thus should be taken into account when identifying iron
losses. Due to the many degrees of freedom of the machine, different experiments
can be performed and their outcome can be combined in order to get an idea about
the order of magnitude of these loss components. The main idea is to think of an
experiment in which friction torque of the bearing under consideration changes,
while other loss components remain constant, or can by canceled out by combin-
ing data from different experiments, measured under the same conditions. Since
temperature effects influence the bearing viscosity, a warming-up procedure is run
before every experiment. To this end, both rotors where rotated by the induction
motors until no variation in friction torque was noticed anymore due to decreasing
viscosity of the bearing lubrication.
Bearing 1 Friction Torque
This double row angular contact ball bearing supports the inner rotor onto the sta-
tor housing as is shown in Fig. 5.4. In order to estimate its friction torque, an
experiment was performed in which the inner and outer rotor are driven at different
speeds, while keeping the speed difference between both constant. Considering
(5.11), the variation in inner rotor torque measurement is in this case theoretically
only due to bearing 1 and the AC-slip rings, since the other terms remain constant
as the speed difference between both rotors is constant. For bearings 2 and 3 ev-
ery operating point is identical, since these bearings support the relative motion
between both rotors. Also the inner rotor iron loss, which depends on the speed
difference between both rotors, is a constant value. Consequently, the inner rotor
air gap torque Tr1,a is constant as well, as given by (5.12). In Fig. 5.8 it is shown
what can theoretically be expected. The first subfigure shows the expected friction
torque of bearing 1 and the AC-slip rings as function of the inner rotor speed. The
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and bearings 2 and 3, is independent on the inner rotor speed. The sign of these
torque components however depends on the speed difference ∆N between both
rotors, as can be seen from (5.11) and (5.12). The third subfigure finally, shows the
sum of the first two figures. Only this latter sum of all torque components can be
measured by the torque sensor. To this end, two measurements are combined. In
one of the measurements, the outer rotor speed is set toNr2 = Nr1 +∆N , while in
the other measurement, the outer rotor speed was given by Nr2 = Nr1−∆N , with
∆N set to 500 rpm. By adding the measured friction torque of both measurements,
and dividing it by two, the constant terms cancel out, and only the friction torque
of bearing 1 and slip ring 1 remains.
Nr1 Nr1 Nr1
(Tb1 + Tsr1) sign(Ωr1) Tr1,a + Tb2,b3sign(Ωr2 − Ωr1) Tr1 = ΣTi (5.11)
Nr2 = Nr1 −∆N
Nr2 = Nr1 + ∆N Nr2 = Nr1 + ∆N
Nr2 = Nr1 −∆N
(a) (b) (c)


























Nr2 = Nr1 + ∆N
Nr2 = Nr1 −∆N
Nr2 = Nr1 + ∆N
Nr2 = Nr1 −∆N
(Tb1 + Tsr1) sign(Ωr1) Tr1,a + Tb2,b3sign(Ωr2 − Ωr1) Tr1 = ΣTi (5.11)
Figure 5.9: Measured inner rotor friction torque decomposition. Tb2,b3 = Tb2 + Tb3.
The corresponding measurement is shown in Fig. 5.9. It can be seen that the
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curves in the last (third) subfigure have actually been measured. The first subfigure
shows the sum of both curves divided by two. The second subfigure represents the
difference of both curves divided by two, and its opposite. This latter figure should
show almost constant curves, as is the case. The first subfigure thus shows the sum
of the friction torques, caused by the first bearing and the AC-slip ring unit. Since
the latter friction torque is know from (5.28), it can be concluded that the friction
torque of the first bearing is mainly a constant, with a discontinuity at the origin:
Tb1 ≈ 0.30Nm (5.29)
This results in about 100W of no-load losses at 3000r/min. This power loss is about
8 times higher than expected from the manufacturing data.
Bearing 4 Friction Torque
This double row angular contact ball bearing supports the outer rotor onto the sta-
tor housing as is shown in Fig. 5.4. Rotation of this bearing corresponds to a
rotation of the magnetic field with respect to the stator, and thus causes stator iron
loss. Consequently, no experiment can be conducted isolating the bearing friction
torque from the effect of iron losses. However, during the previous experiment (to
measure the bearing 1 friction torque), also the outer rotor torque data was stored.
The theoretical outer rotor torque measurement was shown in (5.19). The corre-
sponding outer rotor air gap torque Tr2,a is given in (5.20) for no-load condition.
If the speed difference between both rotors is constant, only the stator iron losses
will vary the outer rotor torque measurement. Also, the friction torque caused by
bearing 4 will change sign if the outer rotor speed crosses zero.
Based on the discontinuity at the origin, the friction torque Tb4 of this latter
bearing can thus be estimated. Note that also the hysteresis iron loss component of
the stator iron losses will contribute to the discontinuity at the origin, which is an
unknown factor at this moment. The outer rotor torque data corresponding to the
previous measurement is shown in Fig. 5.10. In the figure, one discontinuity can
be seen for each curve, corresponding to a zero crossing of the outer rotor speed.
These discontinuities were not visible on the inner rotor torque measurement in
Fig. 5.9. The step size at the location of the discontinuities is about 2 × 0.37 Nm.
This is due to the static friction of bearing 4 and the hysteresis iron loss component
of the stator iron losses. This number is in correspondence with Fig. 5.9 since
bearings 1 and 4 are similar bearing types with a similar loading. It can thus be
concluded that:
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Nr2 = Nr1 + ∆N
∆Tr2 = 0.75 Nm
∆Tr2 = 0.75 Nm
Nr2 = Nr1 −∆N
Figure 5.10: Outer no-load measurement to estimate the bearing 2 friction torque.
Bearing 2 and 3 Friction Torque
Bearings 2 and 3 are placed in between both rotors as can be seen in Fig. 5.4.
Since both bearings cannot be rotated separately, only the sum of both bearing
losses is of importance. When rotating the bearings, the inner rotor will rotate with
respect to the outer rotor causing iron losses. Consequently, no measurement can
be performed measuring the bearing losses separately. However, a measurement
was performed to give an idea about the friction torque of both bearings. To this
end the outer rotor was driven at 1000 rpm while the inner rotor speed was varied,
for which the results can be seen in Fig. 5.11. At synchronous rotation of both
rotors, which corresponds to zero crossing of both bearings rotational speed, a
discontinuity is seen on both torque sensors of about 2 × 0.70 Nm, while the sum
of both torque sensors (stator torque) remains continuous. The discontinuity is, in
correspondence with (5.11) and (5.19), due to static friction of the bearings and
the hysteresis iron loss component of the inner rotor iron losses. According to
the latter equations, the step in the torque measurements should be equal for each
torque sensor, as is the case in Fig. 5.11. Consequently, and according to (5.25),
this step is not visible in the stator reaction torque, as also shown in the figure.
Tb2 + Tb3 ≈ 0.70Nm (5.31)
Note that the ripple on the measurement near synchronous rotation of both rotors
is due to the speed controlled induction motors trying to cope with the cogging
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Figure 5.11: Torque measurement to identify bearing 2 and 3 friction torque Tb2 + Tb3.
Nr2 = 1000 rpm.
5.5.3 Iron Loss Identification
In the electromagnetic model, which is solved iteratively in Fig. 5.2, multiple iron
loss calculations are required. To this end, it is desired to have a fast, yet accu-
rate iron loss model. In literature, iron losses are calculated based on the magnetic
induction in the iron as function of time, and different material parameters of the
iron itself. These material parameters are tabulated for many steel grades, and are
the result of Epstein measurements. Based on these parameters, an estimate can be
made of the iron losses in both stator and rotor. However, it will be shown here,
that the resulting calculations underestimate the measured iron loss in the machine.
How these iron losses can be measured under no-load, is shown in the first part of
this section. The measurements require the knowledge of the mechanical friction
torques, which is why these have first been identified in previous sections. In a sec-
ond subsection, the iron loss model is illustrated. This model is not fundamentally
different from iron loss models for conventional electrical machines. The main
difference is the fact that the inner rotor iron losses depend on the speed difference
between both rotors, rather than on the rotational speed of the rotor itself. Also, five
independent current components can influence the magnetic flux density in stator
and inner rotor, and thus the iron losses. Also these influences need to be taken into
account by the model. Finally, the no-load measurements and calculation results
are compared. Based on these findings, the iron loss parameters are fitted onto the
no-load measurements. In the loss model, these parameters will be used, instead
of the iron loss parameters which were given by the manufacturer and which were
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No-Load Iron Loss Measurements
In order to measure the iron losses in stator and inner rotor separately, the following
steps have been used:
• The AC three-phase cables of stator and inner rotor have been disconnected,
and both rotors of the EVT are connected to an induction motor.
• The inner rotor speed Nr1 has been set to 0 rpm, while the outer rotor speed
Nr2 has been varied between 0 rpm and 3000 rpm.
• For every operating point of outer rotor speed, both the inner rotor and outer
rotor torque sensor data have been stored.
• To calculate the inner rotor iron loss Pfe,r1, (5.11) is used, were Tr1 is known
form the measurements. The bearing and slip ring friction torques have been
identified in the previous subsection 5.5.2, and thus are known as well. Fi-
nally, the inner rotor air gap torque Tr1,a is under no-load given by (5.12),
from which the inner rotor iron loss can be calculated.
• To calculate the stator iron loss Pfe,s, the calculation is based on (5.25). The
stator reaction torque is calculated using the measured torque on both rotors.
From the calculated no-load stator air gap torque Ts,a, the stator iron losses
can be calculated using (5.26).
The results are shown in Fig. 5.12 for different dc-field currents Ir2d. As can
be seen, the measured stator iron loss Pfe,s is strongly influenced by this current
component. It was shown in subsection 3.3.1 that the dc-field current strongly
influences the stator magnetic field, and thus the stator iron losses. In agreement
with Fig. 3.7, the influence is the strongest in the so-called magnetic linear region,
which was defined as (3.7A < |Ir2d| < 7.5A). It can be verified in Fig. 5.12, that
the curves, representing the stator iron loss, are further apart in this region. Also
the inner rotor iron loss is shown in the figure. As expected, the influence of the
dc-field current on the measured iron losses is very low.
Iron Loss Calculations
The iron losses calculations are used in the algorithm of Fig. 5.2. The algorithm
solves an electromagnetic model iteratively, so that many iron loss calculations are
required. Also, in chapter 4, iron losses were taken into account in a minimization
procedure, requiring a lot of function evaluations. In order to have a practically
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Figure 5.12: Measured stator Pfe,s and inner rotor Pfe,r1 iron losses as function of outer
rotor speed Nr2 and dc-field current Ir2d. Nr1 = 0rpm.




















where pfe(t) is the iron loss in [W/kg] in every point of the iron yoke at a given
time t. B(t) represents the time evolution of the magnetic flux density. Bmax is
the maximum value of the induction over one period with length T = 1f . The
loss coefficients a, α, b, c, d are the required material parameters. Two methods
can be considered to evaluate this function. In a first method, the flux density
B(t) in each physical point of the iron can be calculated by means of a series of
static FEM calculations. A second method on the other hand, estimates the flux
density B(t) based on flux linkages, which were saved before in look-up tables.
This second, and faster, method will be used to evaluate the EVT loss models in
Fig. 5.2. However, in order to improve its accuracy, the material parameters will
be fitted on the no-load measurements performed in the previous subsection. To
check the accuracy of the model under load, the iron losses will be compared to the
first (slower) method, which uses a series of static FEM evaluations. To this end,
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Iron Loss Calculation based on the Induction Waveform using FEM
To calculate the flux density B(t) in each physical point of the iron, this method
uses a series of static FEM calculations. During the calculations, the position of the
outer rotor has been varied between 0 and π electrical radians in 20 steps. For each
position, the magnetic flux density B has been calculated in several discrete points
in the stator and inner rotor geometry. These points are visualized in Fig. 5.13 for




Figure 5.13: Mesh of points to evaluate the magnetic flux density.
In Fig. 5.14, the magnetic induction as function of time, is for instance il-
lustrated for three distinct points in the stator. The figures correspond to the high-
lighted points in Fig. 5.13. Fig. 5.14a represents the magnetic induction as function
of time for a point on one of the stator teeth. In the first subfigure, the magnetic
induction B(t) is plotted. These points represent the endpoints of the flux den-
sity vectors, starting in the origin. Also shown is the vector ep, which is a vector,
with unity length, along the main magnetization axis. When the magnetic induc-
tion B(t) is projected onto this vector, the vector (B(t) · ep) ep = Bpep results.
This projection Bp is also shown in the second subfigure, as an explicit function
of the outer rotor position θr2. The reason for projecting the flux density vectors
onto the main magnetization direction is that (5.32) only accepts scalar functions,
i.e. the magnetization can only be unidirectional [79]. In Fig. 5.14b, the same
figure has been plotted for a point in the stator yoke. Also here, a projection onto
a main magnetization direction has been used, since the magnetization is slightly
rotational. Finally, there are also points in which the magnetization is strongly ro-
tational, as for instance shown in Fig. 5.14c. In these points, the real iron losses
might be different than expected based on unidirectional magnetization.
The calculated iron losses using this method, shown in Fig 5.15, display the
same evolution as function of the speed and dc-field current, as the measurements
in Fig. 5.12. However the measured losses are about 50% higher in absolute value.
The extra measured losses contain all losses which are not accounted for. These
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Figure 5.14: Illustration of the iron loss calculation technique used. Induction B(t) in
three stator points of Fig. 5.13, as function of the outer rotor position θr2.









5.5 Identification of Losses in the Prototype EVT Based on No-Load
Measurements 203
































Figure 5.15: Calculated no-load iron losses as function of outer rotor speed Nr2 and neg-
ative (flux enhancing) dc-field current Ir2d. NO20 material loss parameters
have been used.
losses, windage losses and resistive losses due to currents in parallel strands. No-
load magnet losses have to this end been calculated in subsection 5.6.1 and have
an order of magnitude of 30W at 3000r/min speed difference between both rotors.
Also, the iron loss calculations depend on material parameters measured on an
Epstein frame. Manufacturing may have caused these parameters to change, due
to degradation related to cutting of the laminations, and due to mechanical stress
[80]. Finally, the dc-field current Ir2d will inevitably show some ripple. This
can increase the iron losses as well. Nevertheless a good estimation of the no-
load losses is achieved and the same trends are observed. In order to increase the
accuracy of the model, the material properties in (5.32) can be fitted onto these
no-load measurements. This slow but accurate model will then be used to validate
the faster, but less accurate iron loss model of the following subsection under load
condition.
Iron Loss Calculation based on the Sinusoidal Air Gap Induction Waveform
and Flux Linkage Look-Up Tables
In (5.32), the magnetic flux density in the iron can also be estimated, based on
the magnetic flux linkage Ψ with the windings. This magnetic flux linkage is a
function of all five current components, as was mentioned in section 3.3. It was
also explained that these flux linkages were calculated by FEM for many current
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in the iron from the known flux linkages, the magnetic induction waveform in the
iron has been assumed sinusoidally:
B(t) = B̂ cos (ωt+ δ) (5.33)
where ω = 2πf equals the outer rotor electrical speed ωr2 for stator points, and
the difference between both rotor speeds ωr2 − ωr1 for inner rotor points. With















Note that the loss coefficients are not the same as in (5.32). In order to calculate
the amplitude B̂ of the magnetic flux density in the iron, the flux linkage with the
windings is used. This flux linkage is a function of all five current components, and
has been stored in look-up tables. From the flux linkage Ψq or Ψd with the stator










with w the number of windings in series per pole and per phase, and ξ1 the winding
distribution factor for the fundamental harmonic component. This physical flux
is the integral over one electrical pole of the (assumed sinusoidal) magnetic flux
density Bg in the air gap. In a qd-reference frame, this flux density is invariant to
the rotor position, and is expressed as:
Bg(θ) = B̂g,q cos (θ) + B̂g,d sin (θ) = B̂g cos (θ + α) (5.36)
θ hereby represents the electrical angle in the inner or outer air gap in a syn-





physical flux in (5.35) is the integral of the magnetic flux density over one pole, the








with Np the number of pole pairs, l the axial length, and r the (mean) radius of the
air gap. From the magnetic flux density in the air gap, the flux density in the iron
teeth and yoke can be estimated as well. As visualized in Fig. 5.16, the physical
flux magnitude φ̂t linked with a tooth, is the integral of the air gap induction over
















B̂g cos (θ) lrdθ (5.38)
with r the (mean) radius of the air gap. This flux finally equals φ̂t = B̂twt from
which the tooth induction amplitude B̂t can be calculated. This flux density am-





B̂g cos (θ + α)
ironslot
Figure 5.16: Calculation of peak induction in iron teeth.
The magnetic flux density in the stator or inner rotor yoke B̂y on the other












with wy the width of the yoke in radial direction. The flux density magnitude
B̂y can be used in (5.34) to calculate the iron loss in the stator and inner rotor yoke.
The no-load iron losses corresponding to the measurement in Fig. 5.12 have
been given in Fig. 5.17. Again, it can be seen that the same trends are observed
as in the measurements. The influence of the dc-field current Ir2d on the iron
losses has been correctly taken into account by the loss model. However, also this
model underestimates the iron losses for the same reasons as mentioned before.
In order to use this model, as a fast model, that can also quantitatively predict the
iron losses in the machine, the material loss parameters in (5.34) have been fitted
to the no-load measurements. The result is shown in Fig. 5.18. Obviously, the
agreement with the measurements in Fig. 5.12 is very good. The fact however that
the five loss parameters can be fitted as such, that the agreement is so accurate for
all different operating points, indicates that the model correctly describes the no-
load iron losses. In order to test the model under load condition, the results of both
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Figure 5.17: Calculated no-load iron losses as function of outer rotor speed Nr2 and neg-
ative (flux enhancing) dc-field current Ir2d. NO20 material loss parameters
have been used.

































Figure 5.18: Calculated no-load iron losses as function of outer rotor speed Nr2 and neg-
ative (flux enhancing) dc-field current Ir2d. Material loss parameters fitted to
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Note that under load, i.e. when stator and inner rotor currents are applied as
well, modeling the air gap flux density as sinusoidal is a rough approximation. To
this end, although both iron loss calculation techniques described here, result in
the same iron losses in no-load, the calculated loss under load may differ. Due
to the sinusoidally assumption, this second technique will still underestimate the
iron losses, even with the material parameters fitted to no-load measurements. On
the other hand, this latter technique is very fast, and therefore ideal to be used if
many function evaluations are required. This is why the latter technique was used
in chapter 4, where it has been applied during a minimization procedure.
5.5.4 No-Load Measurement Loss Separation
To conclude this section, some no-load measurements have been plotted in
Fig. 5.19. Both the theoretical loss separation according to the model, and the
total measured no-load loss have been plotted. The goal is to show that the model
can also accurately predict no-load losses in other operating points, which have
not been used to fit the iron loss parameters. Also, the relative part of each of the
no-load losses can be seen in the figure, for the prototype EVT. From the figures,
it can be seen that knowing the friction losses in advance, is necessary in order to
identify the iron losses. Finally, it can be seen that the no-load losses are minimal









208 Identification of Power Losses and Energy Efficiency Evaluation

















(a) Ir2d = −2 A, Nr1 = 0 rpm


















(b) Ir2d = −6 A, Nr1 = 0 rpm


















(c) Ir2d = −2 A, Nr1 = 1300 rpm



















(d) Ir2d = −6 A, Nr1 = 1300 rpm




















(e) Ir2d = −2 A, Nr1 = 2000 rpm



















(f) Ir2d = −6 A, Nr1 = 2000 rpm
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(a) Ir2d = 0 A

















(b) Ir2d = −2 A


















(c) Ir2d = −4 A


















(d) Ir2d = −6 A



















(e) Ir2d = −7 A



















(f) Ir2d = −8 A
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(a) Ir2d = 0 A


















(b) Ir2d = −2 A



















(c) Ir2d = −4 A



















(d) Ir2d = −6 A




















(e) Ir2d = −7 A




















(f) Ir2d = −8 A
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(a) Ir2d = 0 A




















(b) Ir2d = −2 A



















(c) Ir2d = −6 A
Figure 5.22: No-load measurements. Inner rotor speed Nr1 = 2000 rpm.
5.6 Additional Loss Calculations
With the necessary parameters extracted from the no-load measurements, the prac-
tical iron loss model of section 5.4 can also be used to predict the power flows,
voltages, torques and losses in operating points under load. However, before doing
so, two more additional losses need to be considered. In previous section it was ex-
plained that the higher no-load measurements could also be due to magnet losses.
These losses can be calculated by FEM, but cannot be added to the practical loss
model of section 5.4 which has a closed power balance. Also, magnet loss calcu-
lations using FEM are very time consuming. To this end, it is required to know
the order of magnitude of this loss component, both under no-load and load. It is
shown here, that for an EVT with distributed windings, the influence of this loss
component is small. Next, it has been noticed that, although the loss model can
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load are still considerably higher than expected. Also, it has been experimentally
verified that this loss component is a function of the dc-bus voltage Vdc of the in-
verters. Based on FEM calculations, it has been concluded that the main part of this
additional loss can be explained by additional iron losses, due to high frequency
current ripple. This so-called PWM induced iron loss Pfe,pwm is the subject of the
second part in this section.
5.6.1 Magnet Losses
Magnet losses are due to eddy currents in the magnets and can have a contribution
to the no-load losses in an electrical machine [81, 82]. The currents are induced
by an alternating magnetic field caused by slotting effects. In contrast to conven-
tional electrical machines, the magnets in an EVT are placed in between two rows
of slots, as can be seen in Fig. 5.23. This affects the shape of the flux density
waveform in time. The magnets used in the prototype EVT consist of three radi-
ally separated parts for every pole without axial partition. The dimensions of one













Figure 5.23: Schematic of the double rotor EVT. Magnets are placed in between two ar-
rays of slots.
To calculate the magnet losses, the induction waveforms for a grid of points
within the magnets have been calculated, as visualized in Fig. 5.13 by yellow dots
on the magnets. This has been performed using static FEM calculations for a se-
quence of inner and outer rotor positions. The induction waveform as function
of the outer rotor position is given in Fig. 5.24 where the slotting effect is clearly
visible for three different points as shown in Fig. 5.23. The effect of the slots de-
creases when going deeper into the magnet. Moreover, the stator slots have only
a small effect on the flux density within the magnets as can be seen in Fig. 5.24.









5.6 Additional Loss Calculations 213
to n2πsNs mechanical revolutions of the outer rotor, with Ns = 48 the number
of slots in stator and inner rotor. The factor n ∈ N is the smallest solution of
n (Ωr2 − Ωr1) = mΩr1, m ∈ N. During one fundamental period, the outer rotor
has then rotated m2πsNs radians with respect to the inner rotor. Finally, the factor
s = 1 in no-load, while s = 2 if stator or inner rotor currents are applied since









































Figure 5.24: Radial induction waveform Br in points corresponding to Fig. 5.23 as func-
tion of angular position of inner rotor, outer rotor or synchronous rotation of
both rotors respectively. All currents are zero.
The waveforms are the input to a separate FEM model of the magnets, calcu-
lating the eddy-currents in the magnet [83]. To this end, a Fourier-series of the
of the magnetic flux density in every point of the magnet is calculated. For every
harmonic, the current density J is calculated for a mesh of points on the magnets
using Maxwell’s equations, and with dBdt known. For every harmonic, and every
point, this vector J has an x and y component only, if the magnetic flux density
variation is along the z-axis. Both components are a sinusoidal function of time.








where V represents the volume of the magnets. The factor 12 is the result from
averaging the (sinusoidal) dissipated power over one fundamental period. This
dissipated power can be calculated for every time harmonic. The total dissipated
loss is then the sum over all harmonics.
The magnet losses as function of the dc-field current are for instance shown in
Fig. 5.25. The evolution is in correspondence with the no-load curve of Fig. 3.7.
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(resistance limited) and gives thus an over estimation of the losses. Note that the





. If both rotors are
rotating synchronously, the magnet losses are almost zero, indicating that the effect
of stator slotting on the flux density in the magnets is very low. This was also
visible in Fig. 5.24. If one of the rotors is rotating, the magnet losses are higher,
but still low compared to the no-load iron loss in Fig. 5.12. Note that these magnet
losses were not taken into account in the iron loss measurement, which can now be
justified by the low influence of these losses.













Nr2 = 3000 rpm, Nr1 = 0 rpm
Nr2 = 0 rpm, Nr1 = 3000 rpm
Nr2 = 3000 rpm, Nr1 = 3000 rpm
Figure 5.25: Calculated magnet losses in no-load as function of dc-field current.
Under load, also the stator and inner rotor currents will influence the magnetic
flux density in the magnets. Especially the influence of the inner rotor currents will
be highest. The radial flux density Br in the magnets, as function of the electrical
angle of the rotors, is given in Fig. 5.26. In the figure, the inner rotor torque Tr1 is
set to 200 Nm, while the stator torque Ts is zero. The corresponding magnet losses
for different inner rotor torques are shown in Fig. 5.27. Again, it can be seen that
the magnet losses are mainly caused by a rotation of the inner rotor with respect
to the magnets. If both rotors are rotating synchronous, the calculated magnet loss
is negligibly small. At very high inner rotor torque, the magnet losses can reach
100 W at 3000 rpm. Below the rated torque of 137 Nm, the losses are limited to
50 W at 3000 rpm speed difference between both rotors. Note that the losses scale
quadratically with the speed. Finally, the magnet losses are given as function of
the stator torque Ts in Fig. 5.28. The effect of the stator current components on
the magnetic flux density in the magnets is lower than for the inner rotor currents,
resulting in about 5 times lower magnet losses. In reality, a combination of torque
and speeds will be present. The loss curves given here are meant to give an idea













































Figure 5.26: Radial induction waveform Br in points corresponding to Fig. 5.23 as func-
tion of angular position of inner rotor, outer rotor or synchronous rotation
of both rotors respectively. Inner rotor torque Tr1 = 200 Nm, stator torque
Ts = 0 Nm.









] Nr2 = 3000 rpm, Nr1 = 0 rpmNr2 = 0 rpm, Nr1 = 3000 rpm
Nr2 = 3000 rpm, Nr1 = 3000 rpm
Figure 5.27: Calculated magnet losses as function of inner rotor torque Tr1. Stator torque
Ts = 0 Nm.









] Nr2 = 3000 rpm, Nr1 = 0 rpmNr2 = 0 rpm, Nr1 = 3000 rpm
Nr2 = 3000 rpm, Nr1 = 3000 rpm
Figure 5.28: Calculated magnet losses as function of stator torque Ts. Inner rotor torque
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5.6.2 Additional Iron losses due to PWM Current Control
Current controllers with switching power electronics cause inherent current ripple
with respect to the current set value. The high frequency current components cause
extra iron losses due to the periodically magnetizing and demagnetizing of the iron
represented by small secondary loops on the BH-curve. The currents in stator and
inner rotor are controlled with two voltage source inverters (VSIs) linked back-to-
back to a common dc-bus. The PI current control causes inherent current ripple
depending on the dc-bus voltage. To estimate the order of magnitude of these
losses, a small signal analysis is carried out by superimposing a current in stator and
inner rotor with a frequency equal to the PWM switching frequency of the inverters.
The current amplitude is taken as such that the corresponding flux linkages induce
a voltage in stator and inner rotor that is in correspondence to the dc-bus voltage.
The corresponding iron losses are finally calculated knowing the induction in each
point of the machine and using the conventional technique [74, 79]. The calculated
iron losses are shown in Fig. 5.29, where also the measured loss has been added to
the figure. For the measurement, the dc-bus voltage has been varied for a machine
at standstill and zero current set-values, while the power loss of stator and inner
rotor has been measured using a power analyzer. Although the iron loss material
parameters are strictly not valid at these high frequencies due to skin effect in the
iron lamination sheets, a good agreement is noticed. Finally note that the switching
frequency of the inverters will have a similar effect on the losses as the dc-bus
voltage.
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5.7 Comparing the Loss Model against Measurements
under Load
In section 5.4 is was summarized how a loss model for an EVT can be constructed,
based on the electromagnetic and mechanical framework in sections 5.2 and 5.3
respectively. Using this model, all power flows shown in Fig. 5.5, thus including
the losses in the machine, can be calculated. The loss model required some param-
eters, which were identified during no-load measurements in section 5.5. These
parameters include bearing and slip ring friction torque, and iron loss parameters.
In this section, the loss model is tested against a series of measurements under
load. A overview of the experimental setup was shown in Fig. 1.7. In order to
measure the losses in the EVT machine, a power analyzer has been installed on the
three-phase windings between the inverters and the EVT. This power analyzer is
able to measure electrical power from PWM switching inverters. This way both the
electrical power to the stator Pel,s and inner rotor Pel,r1 can be measured. Based on
the torque and speed measurements, the mechanical power from inner rotor Pm,r1
and outer rotor Pm,r2 can be measured as well. The torque sensors have a rated
torque of 100 Nm, and an accuracy class of 0.1%. The speed measurements are
based on incremental encoders, fitted to both rotors of the EVT. Finally, also the
dc-field power can be measured. The dc-field current is supplied to the machine
using a separate current regulated dc power supply. On the power supply, both dc-
voltage and dc-current can be measured, from which the power Pel,r2 supplied, and
thus dissipated in, the dc-field winding can be measured. The total loss in the EVT
machine can then be calculated1, taking the power signs of Fig. 1.4 into account,
as:
Ploss = Pel,s + Pel,r1 + Pel,r2 − Pm,r1 − Pm,r2 (5.41)
5.7.1 Definition of Steady-State Efficiency
In the examples in the next subsections, the steady-state efficiency of the EVT is
measured. Defining the efficiency for a machine with two mechanical and one
electrical port is however not straightforward, and could be performed in several
ways. In this subsection, a possible efficiency definition is given.
In Fig. 5.30, two control volumes have been shown. The first control volume
CV1 encloses both the EVT and the inverters. The second control volume encloses
the EVT machine only. Also the electrical and mechanical power flows are given,
crossing the boundaries of these control volumes. The total efficiency of the EVT
machine plus inverters could here be defined as the power leaving CV1 divided by
the power entering the same control volume:
















Figure 5.30: Considerd control volumes to define the efficiency of an EVT system. The





Pout and Pin equal the sum of the absolute value of all power terms leaving or
entering the considered volume respectively.The electrical power Pel,r2 = Pcu,r2 is
the electrical power to, and thus dissipated in, the dc-field winding. This term is
consequently always added to the denominator of (5.42). The other powers cross-
ing the control volume CV1 that should be added to the efficiency definition are the
power from the battery Pb, and the mechanical powers Pm,r1 and Pm,r2 to the inner
and outer rotor shaft respectively. The remainder of the power crossing (leaving)
the control volume is the sum of all the losses generated within the EVT machine
and the inverters, which are dissipated into heat. These losses are not explicitly
added to the efficiency definition, but is the result of electrical and mechanical
power entering and leaving the control volume. The power terms Pb, Pm,r1 and
Pm,r2 can be either positive, negative or zero. This results in 33 = 27 different
possibilities, of which 20 are physically feasible2. In seven of the combinations,
the efficiency is zero, since non of the three powers is directed outward, i.e. all
power is being dissipated. The remaining 13 combinations are shown in table 5.1.
Each of these states lead to another efficiency definition (5.42). If the correspond-
ing power term is outward of the control volume CV1, its absolute value is added
to the numerator. If the corresponding power term is inward, its absolute value is
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Pm,r2 Pm,r1 Pb Power Flow
1 > 0 = 0 > 0 Battery to outer rotor
2 > 0 < 0 > 0 Inner rotor and battery to outer rotor
3 > 0 < 0 = 0 Inner rotor to outer rotor
4 > 0 < 0 < 0 Inner rotor to outer rotor and battery
5 = 0 = 0 = 0 No power
6 = 0 < 0 < 0 Inner rotor to battery
7 < 0 > 0 = 0 Outer rotor to inner rotor
8 < 0 = 0 < 0 Outer rotor to battery
9 < 0 < 0 < 0 Outer and inner rotor to battery
10 > 0 > 0 > 0 Battery to outer rotor and inner rotor
11 < 0 > 0 > 0 Battery and outer rotor to inner rotor
12 < 0 > 0 < 0 Outer rotor to inner rotor and battery
13 = 0 > 0 > 0 Battery to inner rotor
Table 5.1: Combinations of power flow directions
added to the denominator. Consider for instance an EVT which is used in a hybrid
electric vehicle, and suppose the internal combustion engine is driving the inner
rotor (i.e. Pm,r1 < 0). Suppose also the battery is injecting power into the system
(i.e. Pb > 0), suporting the ICE in driving the wheels (Pm,r2 > 0). This situation
corresponds to line 2 in table 5.1. In this case the efficiency is defined as:
ηt =
Pm,r2
−Pm,r1 + Pb + Pel,r2
(5.43)
In the same way, the power split efficiency ηp of the EVT machine without
inverters can be defined. To this end, the control volumeCV2 is shown in Fig. 5.30.
In order to be consistent with the previous efficiency definition (5.42), the battery
power Pb can be replaced by the sum of the electrical powers Pel,r1 + Pel,r2. If
this sum is positive (i.e. inward in Fig. 5.30), its absolute value is added to the
denominator. If the sum of the inner rotor and stator electrical power is negative
(i.e. outward in Fig. 5.30), its absolute value is added to the numerator. If the same
example as above is used, this leads to:
ηp =
Pm,r2
−Pm,r1 + Pel,s + Pel,r1 + Pel,r2
(5.44)
5.7.2 Example 1: Influence of the dc-bus Voltage on the Measured
Loss
During a first experiment, the inner rotor torque Tr1 was set to −40 Nm, while the
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To apply this torque to the machine, the currents are calculated as explained in
chapter 4. The currents are applied to the machine using two voltage source invert-
ers, and a PI current controller. The outer rotor speed was varied between standstill
and 3000 rpm, while the inner rotor was driven at 1000 rpm. These speeds are
imposed by the induction motors. The measured mechanical and electrical powers
are shown Fig. 5.31. The corresponding losses, calculated according to (6.4) are
shown in Fig. 5.32, along with the theoretical loss decomposition according to the
model.




















Figure 5.31: Measured power flow. Inner rotor torque Tr1 = −40 Nm, outer rotor torque
Tr2 = 70 Nm, and inner rotor speed Nr1 = 1000 rpm. The dc-bus voltage
Vdc of the inverters equals 400 V.
As shown in Fig. 5.31, the inner rotor mechanical power Pm,r1 is nearly con-
stant. The outer rotor mechanical power Pm,r2 on the other hand, increases, at
constant outer rotor torque, linearly with the outer rotor speed. The same is true
for the stator electrical power Pel,s, were the slope is equal to the (negative) stator
torque, in agreement with (1.6). Finally, the inner rotor electrical power Pel,r1 is
approximately a linear function of the speed difference Nr2 − Nr1 between both
rotors, with slope equal to the (negative) inner rotor torque according to (1.7). In
order to illustrate that the simplified equations of section 1.4 give a good idea about
the real power flows, these idealized electrical power flows (1.6) and (1.7) are also
plotted as well in the figure, showing a good correspondence with the measured
values.
In Fig. 5.32, the corresponding measured and predicted losses are shown.
When considering the losses in Fig. 5.32 from bottom to top, the iron losses are
shown first. The iron losses are calculated according to subsection 5.5.3, with
the loss parameters fitted to the no-load losses. As can be seen, the stator iron
loss Pfe,s increases with the outer rotor speed Nr2, while the inner rotor iron
losses Pfe,r1 are a function of the speed difference Nr2 −Nr1 between both rotors.
Next, the copper losses Pcu are given, representing only a small fraction for this









5.7 Comparing the Loss Model against Measurements under Load 221





























Figure 5.32: Measured loss and calculated loss separation. Inner rotor torque Tr1 =
−40 Nm, outer rotor torque Tr2 = 70 Nm, and inner rotor speed Nr1 =
1000 rpm. The dc-bus voltage Vdc of the inverters equals 400 V.
the torque, so that at higher torques, they will become dominant. The bearing and
slip ring friction losses on the other hand, are modeled independent of the torque,
but are only depending on the speed (difference) of the rotors. Finally, as can be
seen in the figure, a large fraction of the total measured loss cannot be explained
based on the model in section 5.4. These stray losses are mainly caused by the
so-called PWM induced iron losses. To this end, additional calculations were
performed in section 5.6. These iron losses, as was shown in subsection Fig. 5.29,
have the same order of magnitude as the additional losses in yellow in Fig. 5.32.
The measurement was performed at a dc-bus voltage of 400 V.
In order to verify that these losses are the result of PWM induced iron losses,
the same measurement was repeated, but at lower dc-bus voltage. The result, shown
in Fig. 5.33, confirms that the losses strongly decrease if the same measurements
are repeated at lower dc-bus voltage. Also, it can be seen that the measured power
loss drops about 200 W if the dc-bus voltage is lowered by 200 V, which is in
correspondence with Fig. 5.29. The measurement example shows, that the loss
model introduced in this chapter, can accurately predict the losses in the machine.
In order to estimate the iron losses introduced by the PWM switching, the graph of
Fig. 5.29 can be used.
Finally, in order to compare the magnitude of the losses, with respect to the
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Figure 5.33: Repeating the measurement of Fig. 5.32 at different dc-bus voltages.













Figure 5.34: Measured EVT power split efficiency defined in (5.45), corresponding to the
measurement of Fig. 5.32.
calculated as well, based on the measured power flow. This efficiency ηp was de-
fined in subsection 5.7.1. With Pm,r2 > 0 and Pm,r1 < 0 during the measurements,








This power split efficiency is shown in Fig. 5.34 showing a measured efficiency
of the machine of between 85% and 95% over the entire speed range, if the dc-
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5.7.3 Example 2: Including Inverter Loss
In this second example, also the effect of inverter losses Pinv is taken into account.
For the EVT setup, standard two-level voltage source inverters have been used,
both for stator and inner rotor. For these inverters, standard loss models can be
used [84]. The losses in the two inverters together can however also be measured.
This can be done by measuring the dc-bus current at the dc-side of the inverters:
Pinv = Pb − Pel,s − Pel,r1 (5.46)
where Pb is the battery power, in accordance with the power sign conventions
of Fig. 1.4. For the measurements, the inner rotor was driven at a speed Nr1 =
2000 rpm by the corresponding induction motor, while the inner rotor torque was
set to Tr1 = −80 Nm. The outer rotor torque Tr2 on the other hand was set to
90 Nm, resulting in a stator torque Ts of −10 Nm. For a dc-bus voltage Vdc of
400 V, the measured power flows are shown in Fig. 5.35.



















Figure 5.35: Measured power flow. Inner rotor torque Tr1 = −80 Nm, outer rotor torque
Tr2 = 90 Nm, and inner rotor speed Nr1 = 2000 rpm. The dc-bus voltage
Vdc of the inverters equals 400 V.
As can be seen, the outer rotor mechanical power Pm,r2 increases, at constant
outer rotor torque Tr2, linearly with the outer rotor speed Nr2. The inner rotor
mechanical power Pm,r1 on the other hand is (almost) constant. Also shown, are
the electrical powers Pel,s and Pel,r1 to the stator and inner rotor respectively. This
is the measured power flow at the AC side of the inverters. In section 1.4, it was
shown that the stator electrical power Pel,s is proportional to the product of stator
torque Ts = − (Tr1 + Tr2) and outer rotor speed Nr2, and that the inner rotor elec-
trical power is proportional to the inner rotor torque Tr1 and the speed difference
Nr2−Nr1 between both rotors. In order to illustrate that these simplified equations
give a good idea about the real power flows, these idealized electrical power flows
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Vdc = 600 V
Vdc = 600 V
Figure 5.36: Measured loss and theoretical loss separation. Inner rotor torque Tr1 =
−80 Nm, outer rotor torque Tr2 = 90 Nm, and inner rotor speed Nr1 =
2000 rpm. The dc-bus voltage Vdc of the inverters equals 400 V.
In Fig. 5.36, the corresponding losses are shown again. As was done in pre-
vious example, the iron, copper, and friction losses are calculated according to
the model, explained in section 5.4. Also, the losses Ploss,EVT in the EVT itself
have been measured according to (6.4), and are shown in blue solid line in the fig-
ure. The difference between the calculated losses and the measured losses in the
machine are again denoted by Pfe,pwm+stray, as these stray losses can mainly be
explained based on the PWM-induced iron losses from subsection 5.6.2. To show
the effect of this latter loss component, the measurement has again been repeated
at a dc-bus voltage Vdc of 600 V as shown in the figure. It can be seen that the
loss in the machine increases by about 200 W when increasing the dc-bus voltage,
a value that could be expected from Fig 5.29. Now, also the inverter losses have
been measured, according to (5.46). The goal is to show the order of magnitude of
this loss component with respect to the losses in the machine. The inverter losses
are mainly constant, as both torque components, and thus both the stator and inner
rotor currents, are held constant. As can be seen, almost 30%-35% of the losses
are due to the inverters in the given operating points. At higher load, this value
is expected to decrease a little bit, since the conduction losses in the inverters in-
crease less than quadratically with the current. The copper losses on the other hand























Vdc = 400 V
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Vdc = 400 V
Vdc = 600 V
(b) Total Efficiency
Figure 5.37: Measured efficiency corresponding to the power measurement of Fig. 5.35.
Inner rotor torque Tr1 = −80 Nm, outer rotor torque Tr2 = 90 Nm, and
inner rotor speed Nr1 = 2000 rpm. In the total efficiency, also the inverter
losses are taken into account.
Finally, also the influence of both the dc-bus voltage and the inverter losses
on the measured efficiency is shown in Fig. 5.37. The power split efficiency ηp,
defined in (5.45), is the ratio of output power from the machine (electrical and
mechanical) to input power to the machine (electrical and mechanical). In this
efficiency, the inverter losses are not taken into account. To this end, also the total
efficiency ηt is shown. This efficiency is defined in the same way as in (5.45), but
with Pel,s + Pel,r1 replaced by the battery (or dc-bus) power Pb, as explained in
subsection 5.7.1.
5.8 Efficiency Map
Since an EVT has two mechanical ports (shafts), an efficiency map of this machine
is four-dimensional. It is not only difficult to represent this map graphically, mea-
suring the efficiency in all possible operating points requires a lot of time. In this
section however, an attempt is made to give the reader an idea about the efficiency
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5.8.1 Efficiency of the Stator-Outer Rotor Combination
During a first experiment, the inner rotor currents have been set to zero. Also, the
inner rotor speed is maintained at standstill. The outer rotor on the other hand, has
been driven by the corresponding induction motor between 0 and 3000 rpm, while
the electromagnetic torque on the outer rotor has been varied between 0 and 90 Nm.
The currents have been controlled as shown in subsection 4.2.2, i.e. according to
the maximum stator torque per ampere approach. The result of these efficiency
measurements is shown in Fig. 5.38. The efficiency is calculated according to
subsection 5.7.1, were inverter losses are not taken into account. The measurement
window is restricted to 3000 rpm and 100 Nm due to the limitations of the induction
motors, see section 1.5. To give the reader an idea about the stator efficiency at
rated torque of 265 Nm and rated speed of 6000 rpm, the predicted efficiency map
over a wider window has been shown as well in Fig. 5.39
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Figure 5.38: Measured stator efficiency map. Inner rotor currents and speed are zero.
Background color map represents calculated efficiency. The dc-bus voltage
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Figure 5.39: Predicted stator efficiency map. Inner rotor currents and speed are zero. The
dc-bus voltage Vdc of the inverters equals 600V. Inverter losses are not in-
cluded.
5.8.2 Efficiency of the Inner Rotor-Outer Rotor Combination
The same measurement has been repeated for the inner rotor. During the measure-
ments, the stator and outer rotor currents have been set to zero. Also, the outer
rotor speed is maintained at zero by the corresponding induction motor. The inner
rotor electromagnetic torque has been varied between −90 Nm and 0 Nm (genera-
tor mode), by changing the inner rotor currents. The inner rotor speed finally, has
been varied between 0 and 3000 rpm by the inner rotor induction motor. The result
of this efficiency measurements is again shown in Fig. 5.40. Also, the predicted
efficiency over a larger window is plotted in Fig. 5.41. The limits for this latter
window are the rated inner rotor torque Tr1 of 137 Nm, and maximum inner rotor
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Figure 5.40: Measured inner rotor efficiency map. Stator currents and outer rotor speed
are zero. Background color map represents calculated efficiency. The dc-bus
voltage Vdc of the inverters equals 600V. Inverter losses are not included.
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Figure 5.41: Predicted inner rotor efficiency map. Stator currents and outer rotor speed
are zero. Background color map represents calculated efficiency. The dc-bus
voltage Vdc of the inverters equals 600V. Inverter losses are not included.
5.8.3 Efficiency in Other Operating Points
Previous subsections showed the efficiency of the stator and inner rotor separately.
In case of an HEV, this corresponds to driving purely electrical, or to charging the
battery at standstill respectively. However, many other operating points are not
covered by these graphs. As already stated, a full EVT efficiency map would be
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(a) Inverter losses not included.
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(b) Inverter losses included.
Figure 5.42: Measured efficiency map. Inner rotor electromagnetic torque Tr1 =
−80 Nm, inner rotor speed Nr1 = 2000 rpm. Background color map rep-
resents calculated efficiency. The dc-bus voltage Vdc of the inverters equals
400 V.
In order to decrease the number of possible operating points, the electromag-
netic torque on the inner rotor is assumed negative, while its speed is positive. This
corresponds to an inner rotor being driven by a prime mover. The input mechanical
power Pm,r1 is then split into mechanical power Pm,r2 to the outer rotor shaft, and
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is then a function of the mechanical operating point (torque and speed) of the outer
rotor, as was shown in Fig. 1.5. In the latter figure, the operating point of inner
rotor torque and speed was considered fixed in the first quadrant, and the sign of
the electrical power flow was given. In order to give an idea of the efficiency of an
EVT when the inner rotor is driven by a prime mover, the inner rotor was driven
at Nr1 = 2000 rpm by the corresponding induction motor. The inner rotor elec-
tromagnetic torque Tr1 was set to −80 Nm, by setting the appropriate inner rotor
currents. The result is shown in Fig. 5.42a. It can be seen that the model slightly
overestimates the efficiency, which is mainly due to the fact that for the iron loss
calculations, the simplified loss model of subsection 5.5.3 has been used.
In the figures, the subdivision of the first quadrant (Nr2 > 0, Tr2 > 0) accord-
ing to the electrical power flows of Fig. 1.5 is also shown. In the figure, if the outer
rotor power Pm,r2 is lower than the absolute inner rotor mechanical power |Pm,r1|,
the idealized battery power is negative, i.e. from the EVT to the battery. This is the
region below the red hyperbola in Fig. 5.42. In this region, the power to the EVT
system (EVT + inverters) is constant, and equal to the absolute mechanical inner
rotor power |Pm,r1|. A part of this power flows to the outer rotor, while the remain-
der is stored in the battery. In this region, the efficiency is thus only determined by
the losses in the machine and the inverters.
If in this region, the outer rotor speed Nr2 is lower than the inner rotor speed
Nr1, the efficiency increases with the outer rotor speed along a constant outer rotor
torque line. This is illustrated in Fig. 5.43a, where the theoretically expected losses
are given along line A in Fig. 5.42a. In the model, the PWM induced iron losses
have been considered constant, and estimated according to Fig. 5.29. The iron
losses have been calculated according to the fast model, described in subsection
5.5.3. Between zero speed Nr2 = 0 rpm and synchronous speed Nr2 = Nr1 =
2000 rpm, the inner rotor iron loss Pfe,r1 drops, while the stator iron loss Pfe,s
increases. Also the friction loss, caused by bearing 2 and 3 between both rotors,
drops. This results in a net decrease of the total loss, and thus an increase in
efficiency, as shown in Fig. 5.42.
If the outer rotor speed Nr2 increases beyond the inner rotor speed Nr1 =
2000 rpm, both the inner rotor and stator iron losses increase. This results in a
decreasing efficiency in Fig. 5.42. Note that also negative outer rotor speedsNr2 <
0 have been shown in Fig. 5.43a. These are added, to illustrate the increasing
losses when the outer rotor speed is reversed. Also in this region, both iron loss
components increase, as are the friction losses in bearings 2 and 3. Note that in this
latter region, power is recirculated through the inverters. The corresponding power
flows in the machine have to this end been shown in Fig. 5.44. Also the stator and
inner rotor voltage and current has been shown. As is the case for the iron losses,
the stator voltage Vs is a function of the outer rotor speed Nr2, while the inner
rotor voltage Vr1 is a function of the speed difference Nr2 − Nr1 between both
rotors. The currents are approximately constant, since the torque on both rotors is
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friction losses on the shaft torque. In order to keep this shaft torque constant, the
air gap (electromagnetic) torque is altered, and so are the corresponding currents.
In addition, a constant speed line B has been shown in Fig. 5.42a, in order to
explain the evolution of the efficiency in this direction as well. The efficiency is
highest if the outer rotor torque Tr2 equals the (negative) inner rotor torque Tr1.
This corresponds to zero stator torque Ts, and thus the absence of stator and outer
rotor copper losses. If the outer rotor torque Tr2, is increased or decreased with
respect to this point, the stator and outer rotor copper losses increase quadratically
with this torque, as is to this end illustrated in Fig. 5.43b. Negative outer rotor
torques have been shown as well, in order to illustrate the effect on the losses. The
figure is almost symmetrical, with symmetry axis Tr2 = −Tr1. The fact that it is
not perfectly symmetrical is due to the effect of the q-axis stator and inner rotor
currents on the q-axis flux linkage. This was explained in subsection 4.3.2.
Note that the losses in the stator inverter increase with the stator torque as well,
due to the increasing conduction losses. To this end, the corresponding currents
are shown in Fig. 5.45, together with the power flow in the machine, and the stator
and inner rotor voltages. The stator and inner rotor voltages are mainly constant
(the stator voltage Vs shows some variaton), and the variations are caused by the
effect of the currents on the magnetic flux linkage with the windings. The stator
current increases with the stator torque, according to the optimal control algorithm
of chapter 4. The inner rotor current is almost constant, as is the inner rotor (shaft)
torque. The variation is due to the effect of changing stator currents on the inner
rotor magnetic field, and due to the effect of iron and friction losses on the inner
rotor shaft torque.
Finally, in the region of positive battery power Pb > 0, which corresponds to
the operating points above the red hyperbola in Fig. 5.42, the efficiency increases
with increasing outer rotor mechanical power. The losses can be explained in the
same way as was done for linesA, andB in the figure. However, in these operating
points, the input power to the machine changes as well, since battery power is
added to mechanical inner rotor power. This conversion of higher powers, explains
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Figure 5.45: Predicted power flow, voltage and current along line B in Fig. 5.42.
5.9 Conclusions
In this chapter, the losses in an EVT system have been investigated. A fast and
accurate loss model has been created, including iron, copper, bearing and slip ring
friction, and inverter losses. This model requires some parameters, which have
been derived from no-load measurements. In contrast to conventional single ro-










exploited to make extra loss measurements. Measurements at different speeds or
speed differences between both rotors have to this end been combined to extract
the bearing and slip ring friction torques from the prototype machine. Next, also
the iron losses have been determined based on no-load measurements. It has been
seen that for the prototype machine, the bearing losses are up to 8 times higher and
no-load iron losses up to 50% higher than initially expected based on manufacturer
data. In a second step, the loss model has been applied to predict the EVT losses
under load.
Although the loss model can accurately predict the losses under no-load con-
dition, the measured losses under load are still considerably higher than expected.
It has been experimentally verified that this loss component is a function of the dc-
bus voltage Vdc of the inverters. Based on FEM calculations, it has been concluded
that the main part of this additional loss can be explained by additional iron losses,
due to high frequency current ripple. Finally, with the latter loss component added
to the model, it has been shown that the EVT losses under load can be accurately
predicted and separated into their different origins.
To conclude the chapter, different efficiency maps have been calculated and
measured. The efficiency measurements show power split efficiencies over 95% in
a large area of operating points. This high efficiency means that the absolute values
of the losses are small, and the EVT could be a potentially very interesting power




















Since an EVT is a power split transmission, it could replace all transmission sys-
tems presented in Fig. 2.1 within its torque, speed and power limits. In this chapter,
two example applications for an EVT are considered. In the first part of this chap-
ter, the EVT will be compared against the Toyota Prius system of subsection 2.3.3
over the New European Driving Cycle (NEDC). In the second section, the EVT
will be used as shaft-to-shaft CVT, and be compared against a mechanical belt and
toroidal CVT.
6.1 EVT Performance Analysis with Focus on Losses over
the New European Driving Cycle
In order to test the use of an EVT as power split transmission for an HEV, a driving
cycle analysis has been performed using the New European Driving Cycle [85].
This cycle has been chosen instead of the new WLTP cycle, because its torque
and speed values can be applied to the experimental setup. In this section, the
corresponding measurement results are explained and analyzed.
6.1.1 NEDC Measurements
During the measurements, the outer rotor speed Nr2 set point set determined by
the NEDC, and is applied to the outer rotor by the corresponding speed-controlled
induction machine. The outer rotor torque Tr2 is controlled by the EVT, using the
control algorithm of chapter 4. Practically, this has been performed using torque-
to-current look-up tables. For each torque combination, the current set values can
thus be determined by interpolation in these look-up tables. Next, the currents
are applied to the machine using PI current controllers, as shown in Fig. 3.14.
The torque set values as function of time are chosen identical to the 2004 Toyota
Prius being driven over the NEDC. For the inner rotor, which is connected to an










to control the torque Tr1 and speedNr1. As a result, the amount of power delivered
by the battery and ICE is determined as well. This strategy has been described in
[86]. The corresponding different driving modes and their relative part are hereby
summarized in Fig. 6.1. These driving modes will be shown as function of time












Figure 6.1: Different driving modes during the NEDC.
The torque and speed set points are shown in Fig. 6.2, together with the cor-
responding measurements. Obviously, the speed set values are tracked accurately,
since closed-loop speed control is being used by the outer rotor induction machine.
The torque set values are translated to current set values, using the algorithm of
chapter 4. It can be seen that this open loop torque control can track the set values
quite accurately. There are three main reasons why the measured value can differ
from its set value:
• The most important mismatch can be seen for the outer rotor torque Tr2 at
time t = 15, 210, 405 and 600s. At these time instants, the NEDC requires
a strong acceleration, resulting in an outer rotor torque set value of 150 Nm.
Although the EVT can produce this torque without any problems (see table
1.1), the induction motor inverters are not able to deliver enough current
to cope with this torque. To this end, the EVT torque has been limited to
110 Nm for the measurements.
• The torque control is an open loop control. Practically, this is performed by
interpolating in look-up tables, programmed in a digital controller. The look-
up tables are the result of the analysis performed chapter 4. The currents are
then applied to the EVT using PI current controllers, as was explained in
section 3.4.
• The torque measured by the torque sensors also measures the effect of the
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and electromagnetic torque (or air gap torque) was explained in chapter 5.
Also the effect of accelerating the inertia’s of both rotors is measured by the
sensors. All these effects will be taken into account in the analysis of the
different driving modes in subsection 6.1.2.
In Fig. 6.3 the measured power flows are shown1. The mechanical inner and outer
rotor power in Fig. 6.3a is calculated as the product of measured torque on speed
in Fig. 6.2. Note that the negative of the inner rotor mechanical power −Pm,r1
has been shown, since this corresponds to the power from the internal combustion
engine to the inner rotor. If the ICE is started, it mostly delivers a power higher
than the output mechanical power, in order to drive the engine in a good efficiency
point. As a result, the battery is charged. From the figure, it can be seen that
the NEDC is a low power cycle, using the 120 kW prototype EVT only in part load.
In Fig. 6.3b, the corresponding electrical powers have been plotted. Remember
that a positive electrical power corresponds to a power flow from the battery to the
EVT. These powers have been measured by a power analyzer, installed between
the inverters and the EVT. From this figure, the power splitting operation is
visible, i.e. only a fraction of the transferred power by the EVT is converted in an
electrical way. If the ICE is shut down on the other hand, all mechanical power
is transferred through the stator inverter to the wheels. At these time instants, the
EVT operates as a conventional electrical machine. In the same figure, also the
predicted electrical powers, based on the EVT model of section 5.4, have been
shown. Note that the measurements from the used power analyzer are sampled
every second only. As a result, fast changes in electrical power are difficult to
track. Also, due to the PWM voltage, the power analyzer needs a lot of averaging
to calculate the power.
Finally, in Fig. 6.3c the power Pb from the battery to the EVT system is shown.
This power is approximately equal to the sum of the mechanical powers Pm,r2 +
Pm,r1 in Fig. 6.3a, and results in the battery being charged or discharged. During
the experiments, the battery has been replaced by a 40 kW dc power supply. The
power has been measured by measuring the dc-current to the power supply, and
multiplying by the dc-bus voltage of 500 V. The predicted battery power has been
calculated using the predicted electrical powers, and predicted inverter losses, i.e.
Pb = Pel,s +Pel,r1 +Pinv,s +Pinv,r1. Pinv,s and Pinv,r1 hereby represent the power
losses in the stator and inner rotor respectively.
1From the outer rotor speed in Fig. 6.2a, it can be seen that the NEDC consists of four low speed
cycles, and a high speed part. To this end, in the following figures, only the fourth low speed cycle






















(a) Outer rotor speed Nr2.












(b) Inner rotor speed Nr1.
















(c) Outer rotor torque Tr2.












(d) Inner rotor torque Tr1.
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Figure 6.4: Measured and predicted battery change in energy ∆E.






The measured ∆E, along with the corresponding calculated value, is given in
Fig. 6.4 in kWh. The measured change in energy at the end of the cycle is lower
than predicted. This can be explained by the presence of non-modeled loss terms
and PWM induced iron losses, as described into detail in the previous chapter. The
total measured energy sent to the wheels during this cycle was 0.854 kWh, while
the mechanical energy delivered by the (fictitious) ICE equaled 1.408 kWh. The
figure shows a positive measured change in energy ∆E at the end of the cycle of
0.25 kWh. These converted energies lead to a global efficiency of 0.854+0.251.408 =
0.78. The change in energy ∆E of the 2004 Toyota Prius, tested with the same
input and output torque and speed was zero at the end of the cycle2. The positive
change in energy ∆E of the EVT battery could mean that the EVT is more effi-
cient over the NEDC, since more energy is left in the battery. However, the result
needs to be interpreted with caution. First, the four torque peaks in Fig. 6.2c could
not be applied during the measurements. This results in 0.088 kWh not being sent
to the wheels. Thus, at least (due to losses) this value should be subtracted from
the positive change in energy ∆E at the end of the cycle. Also, the torque mea-
surements are not exactly equal to the set value of the torque as explained above.
Finally, no real battery was used during the measurements. As a result, no losses in
the battery system are taken into account. Still, the positive change in energy ∆E
is significant, in relation to the total energy towards the wheels. Also, the input
torque and speed were optimized for the THS, not for the EVT. In order to give the
reader more information on the performance of this drive train in different driving
modes, further analysis is performed in the next subsections.
2The allowable change in change in energy ∆E of the battery for an NEDC measurement equals
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6.1.2 Performance Analysis in Different Driving Modes
In order to provide more information on the performance of an EVT in an HEV, the
different driving modes and corresponding efficiencies are discussed here. The ef-
ficiency is calculated according subsections 5.7.1. In the latter subsection however,
the steady-state efficiency definition of this dissertation is given. When a variable
load profile is present, at varying speed, also the inertia’s of the inner and outer
rotor need to be taken into account. Due to the varying speed of the rotors, energy
is exchanged with the rotors, i.e. the kinetic energy of the rotors changes. This
rate of change of kinetic energy translates to a given power flow from and to the
rotors. If no attention is paid, these power terms may be mistaken to increase or de-
crease the losses in the machine. A torque sensor connected to the inner and outer
rotor, as shown in Fig. 1.7, measures the following torque Tsensor,r1 and Tsensor,r2
respectively: {
Tsensor,r1 = Tr1 − Jr1 dΩr1dt
Tsensor,r2 = Tr2 − Jr2 dΩr2dt
(6.2)
The torque terms Tr1 and Tr2 are the result of electromagnetic torque (or air gap
torque) on the rotors, and bearing and slip ring friction torque related to the cor-
responding rotor. These torque relations were previously defined in (5.11) and
(5.19) respectively. Jr1 and Jr2 represent the inertia of inner and outer rotor . The
second equation of (6.2) for instance shows, that when accelerating, part of the
electromagnetic torque on the outer rotor is related to the acceleration of this rotor.
The corresponding power is stored as kinetic energy. To this end, in the efficiency
definition of subsections 5.7.1, the following corrected power flows are being used:{
Pm,r1,corr = Tsensor,r1Ωr1 + Jr1Ωr1
dΩr1
dt




where Tsensor,r1, Tsensor,r2, Ωr1 and Ωr2 represent the measurement data. These
power terms (6.3) are used together with the measured dc-bus (battery) power Pb
to calculate the efficiency (see subsection 5.7.1) and driving modes, and are shown
in Fig. 6.5a and Fig. 6.5b respectively. The mean non-zero efficiency of the EVT
plus inverters equals ηt,av ≈ 0.77 over the entire driving cycle. This covers all
driving modes shown in Fig. 6.5b. The latter figure is related to table 6.1, where
the driving modes have been explained. Note that the power required by the NEDC
cycle is rather low. The maximum output power Pm,r2,max approximately equals
30 kW, whereas the EVT has a rated power of 120 kW.
In order to explain the efficiency of the drive train, some operating modes are
considered below. The measured losses are hereby calculated as:


























(a) Measured efficiency of EVT plus inverters




















(b) Measured driving modes
Figure 6.5: Measured total efficiency ηt as defined in subsection 5.7.1, and corresponding
driving modes according to table 6.1.
Pb represents the measured dc-bus power (fictitious battery power), which has been
identified by measuring the dc-bus current from the dc-power supply to the invert-
ers. Furthermore, Pel,r2 = Pcu,r2 is the power dissipated in the dc-field winding,
and is very small for the measurements performed. Finally, Pm,r1,corr and Pm,r2,corr
are the measured mechanical powers, corrected for the rate of change of kinetic en-
ergy of the rotors, as explained before.
Driving Electrically
In this mode (1) in Fig. 6.5b, only the battery powers the wheels. This state is
visible in Fig. 6.6 were the main part of the time interval shown is driven in a
purely electrical way. This can for instance been seen in Fig. 6.6a, were the ICE
speed is zero during large time intervals. When driving in electrical mode, the ICE










































































































(f) Measured power flow










Pm,r2 Pm,r1 Pb Power Flow
0 = 0 = 0 > 0 Idle mode
1 > 0 = 0 > 0 Driving electrically
2 > 0 < 0 > 0 ICE and battery powering the wheels
3 > 0 < 0 = 0 ICE driving wheels, no battery power
4 > 0 < 0 < 0 Driving and charging
5 = 0 = 0 = 0 No power
6 = 0 < 0 < 0 Only charging
7 < 0 > 0 = 0 Engine braking
8 < 0 = 0 < 0 Regenerative braking
9 < 0 < 0 < 0 Regenerative braking and charging
10 > 0 > 0 > 0 Battery to outer rotor and inner rotor
11 < 0 > 0 > 0 Battery and outer rotor to inner rotor
12 < 0 > 0 < 0 Regenerative and engine braking
13 = 0 > 0 > 0 Battery to inner rotor
Table 6.1: Driving modes shown in Fig. 6.5b. Numbers correspond to table 5.1 as well.
the outer rotor is thus entirely generated by the stator windings3, as can be seen in
Fig. 6.6b. The stator torque Ts is hereby calculated from the measured outer and
inner rotor torque according to (1.2).
The current selection during this driving mode is shown in Fig. 6.6c. Since
the stator torque Ts never exceeds 110 Nm, the machine is driven in its low flux
optimal point. This can be seen by the flux weakening (positive) d-axis stator
current. Also, the inner rotor currents have been set to zero in electrical mode. The
corresponding voltages, given by the output from the PI current controllers from
Fig. 3.14, are shown in Fig. 6.6d. It can be seen that, in electrical mode, both the
stator and inner rotor voltages increase with the outer rotor speed. The inner rotor
voltage is applied to keep the inner rotor current zero.
Concerning the EVT and inverter losses, this mode is marked by dominant
stator copper losses Pcu, and stator inverter losses Pinv,s. This has been shown in
Fig. 6.6e where the theoretical loss separation has been given. Also the measured
total loss has been given, calculated according to (6.4). As expected, the measured
loss is somewhat higher due to non-modeled loss terms, and PWM induced iron
losses as explained into detail in chapter 5. The measured average non-zero EVT
efficiency during this cycle is ηt,mode1 ≈ 0.73. Note that only low electrical powers
are converted during the NEDC.
3The inner rotor cannot be used, since its reaction torque would cause the ICE to rotate back-
wardly. If a freewheel were to be fixed between the inner rotor and the ICE, the inner rotor windings
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ICE and Battery Powering the Wheels
During this mode (2) both the ICE and the battery are powering the wheels. In
Fig. 1.5, where the idealized power flows of an EVT are given, this corresponds
to the area above the zero battery (Pb = 0) hyperbola. During the NEDC cycle,
mainly the overdrive region has been selected (Nr2 > Nr1, Fig. 6.7a), resulting in
positive inner rotor electrical power Pr1 > 0. This operating region is for instance
visible in Fig. 6.7, in the time interval t ∈ [980, 1030] s. In the region, the outer
rotor torque Tr2 is smaller than the absolute value of the inner rotor torque. As a
result, the stator electrical power Pel,s is negative, as can quickly be derived from
Fig. 1.5. These power flows are also measured by a power analyzer in Fig. 6.7f.
Since both electrical powers are about equal in absolute value, the battery power
Pb is small (but positive).
The current selection in this mode is a function of both the stator and inner
rotor torque, and is shown in Fig. 6.7c. Since the stator torque is low, as can be
seen in Fig. 6.7b, the low flux optimum is selected. Since also an inner rotor
torque is required, the current set is moved towards lower d-axis stator currents,
as was explained in section 4.3. However, the absolute value of the inner rotor
torque is limited as well, so that its influence on the current selection is very
small. Nevertheless, this has been taken into account by the controller, where
interpolation in look-up tables has been used.
The losses in this region, due to the low torque and speed values, the elec-
tromagnetic losses (copper and iron) are low. Note that the inverter losses are
responsible for about 40% of the total loss, as was also illustrated before in subsec-
tion 5.7.3. The difference between the measured and simulated losses adds up to a
few hundred watts, which has the same order of magnitude as the expected PWM
induced iron losses in Fig. 5.29. The measured average EVT efficiency during this
cycle is ηt,mode1 ≈ 0.83.
ICE Powering the Wheels and Charging the Battery
In the same Fig. 6.7, mode 4 of table 6.1 is shown as well. In these me-
chanical operating points, the battery power Pb is negative, while the ICE is
turned on. In Fig. 1.5, this corresponds to the area beneeth the zero battery
(Pb = 0) hyperbola. Both an underdrive region (t ∈ [1030 − 1060] s) as an
overdrive region (t ∈ [1060 − 1100] s) are shown, as can be derived from
Fig. 6.7a. Between both regions, the inner rotor electrical power thus switches
from negative to positive, as can be verified in Fig. 6.7f. Due to the relatively
high ICE torque (TICE = −Tr1, the stator torque Ts is positive. As a result,
the stator inverter converts electrical power from the EVT to the battery (Pel,s < 0).










of stator and inner rotor torque. As explained before, the absolute value of the
stator and inner rotor torque during the NEDC are low. As a result the low flux
optimum is selected at all times (Isd > 0).
The losses in this region, shown again in Fig. 6.7e, are higher than expected.
Besides stray losses (e.g. windage losses), and PWM induced iron losses, this is
probably caused by the simplified iron loss model used. In this region, the speeds
of both rotors are relatively high, as are the torques in absolute value. This causes
the iron losses to be higher than modeled by the simplified (but fast) iron loss model
from subsection 5.5.3. The measured average non-zero EVT efficiency during this
cycle is ηt,mode1 ≈ 0.91. This value is higher than in the previous driving modes
due to the higher powers converted by the EVT and inverters.
Regenerative Braking
This mode is used multiple times during the NEDC. The highest regenerative
power is converted at the end of the cycle, where the EVT decelerates the vehicle
from the highest speed during the cycle to standstill. A zoom of this mode has
been given in Fig. 6.8. Since the ICE is shut down, all power is converted in an
electrical way by the stator inverter.
The current selection is performed in the same way as in mode 1. During this
mode, the absolute stator torque is higher, but still too low to switch to the high
flux optimum. To this end, a flux weakening d-axis stator current is applied again
(Isd > 0). Since the speed is relatively high at the beginning of Fig. 6.8a, the stator
voltage is high too. The same is true for the inner rotor voltage in Fig. 6.8d, since
the inner rotor is an standstill. At a dc-bus voltage of Vdc = 500 V, the maximum
voltage equals 288 V.
The losses in this region finally are substantially higher than expected from the
practical loss model from section 5.4. Again, besides stray losses (e.g. windage
losses), and PWM induced iron losses, this is probably caused by the simplified
iron loss model used. Besides the iron losses, which are expected to be higher than
in Fig. 6.8e, the stator copper and inverter losses are dominant. The inner rotor
torque cannot be used to a big extend to decelerate the outer rotor. This would
result in a positive reaction torque on the ICE, which can dissipate only a limited
amount of power. The measured average non-zero EVT efficiency during this cycle
is ηt,mode1 ≈ 0.75. Despite the relatively large power converted by the EVT, this









































































































(f) Measured power flow










































































































(f) Measured power flow
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6.1.3 Conclusion
Although the focus during this dissertation is on the component level, an analysis
has been performed on an EVT used in an HEV. The optimal current selection and
proposed loss models are to this end applied to an EVT during the NEDC. This low
power driving cycle has been selected, because of the torque and speed limitations
of the induction motors connected to the EVT. Preliminary results show a better
efficiency than the 2004 Toyota Prius driven over the same cycle, with the same
inputs and outputs. A conclusion is however difficult, mainly because a real battery
is not available on the setup. To give the reader a better idea of the performance of
an EVT during this driving cycle, different driving modes are considered closely,
with focus on power flow, current selection and loss separation.
6.2 EVT used as Shaft-to-Shaft Transmission
As explained in chapter 2, an EVT is an electromagnetic power split transmission
with the additional possibility of exchanging electrical energy with a battery. In
some applications however, a battery is not desired. This battery can then be re-
moved and replaced by a capacitor. This kind of EVT system can replace other
shaft-to-shaft CVT systems or power split transmissions without storage possibili-
ties, of which some examples were already given in the same chapter 2.
In automotive applications, the most well-known shaft-to-shaft continuously
variable transmissions are the metal belt drive CVT and the half-toroidal traction
drive CVT [87]. Of these transmissions, the belt version has proven to increase
driving comfort and decrease fuel consumption with 5 − 15% on average when
compared to stepped automatic transmissions [88]. Therefore this transmission can
be seen as the industry benchmark. Nevertheless, these mechanical systems can
have some critical issues. Both CVT systems transmit torque based on mechanical
contacts, inducing slip and friction. This requires lubrication and the need for
traction fluid to transmit torque between metal parts [89, 90]. The gear ratio is
restricted due to geometrical constraints of the design, requiring a clutch or torque
converter to achieve standstill [91] and a reverse unit to change rotation direction.
Furthermore, changing the gear ratio is often slow, and can cause additional wear
[92].
Electromagnetic systems on the other hand could offer the advantage of re-
duced maintenance and higher efficiency due to the absence of sliding contacts,
pumping systems for lubrication and actuation, as well as the absence of a torque
converter or reversing unit. Additionally, faster dynamics can be expected inher-
ent to electrical drives. A diesel-electric transmission for instance consists of an
electrical generator, a controlled rectifier, and one or multiple inverters and electri-
cal motors, i.e. an electrical variator is being used as shaft-to-shaft transmission.
This principle is nowadays used in traction drives for ships, trains and heavy duty




















Figure 6.9: Schematic of a permanent magnet EVT used as shaft-to-shaft CVT between
ICE and wheels.
converted by two electrical machines and two power electronic converters at least.
To this end, other electromagnetic CVT systems try to overcome this drawback by
combining a planetary gear set with two electrical machines [93, 94]. This system,
as shown in Fig. 2.14, has the advantage that one part of the input power is directly
transferred to the output shaft, while the remaining part is converted in an electrical
way, i.e. a power split transmission is being used. However, the previously men-
tioned solutions still require a mechanical gear box. An EVT-based transmission,
as described in this chapter, also converts only a fraction of the input power through
the inverters, while avoiding the use of a planetary gear set [95]. The system de-
scribed in this chapter is an EVT without battery storage, as is schematically shown
in Fig. 6.9. It is considered how this system compares to mechanical shaft-to-shaft
transmissions. Note that, in contrast to shaft-to-shaft mechanical CVT systems,
the electrical port can be used as power take-off (PTO) to power additional auxil-
iaries. Summarized, using an EVT as shaft-to-shaft CVT could have the following
advantages:
• Low maintenance due to absence of mechanical contacts.
• Inherent overload protection, since torque is transmitted in an electromag-
netic way.
• No reversing unit is required since negative gear ratios are possible.
• No coupling is required since standstill of the output shaft is possible, while
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• The inverter dc-bus can be used as power take-off.
• Higher efficiency.
• Fast dynamics, inherent to electromagnetic systems.
In this section, focus is merely on the efficiency. The dynamics of an EVT as shaft-
to-shaft CVT are the subject of [28]. First however, there is the need to describe
the operating principle of an EVT used as shaft-to-shaft CVT.
6.2.1 Operating Principle
In this subsection the working principle of the machine is described based on sim-
ple power flow equations, and by neglecting the losses in the machine as was done
previously in section 1.4. Despite the approximations made, these equations pro-
vide a very good understanding of the operation of the machine in different oper-
ating points, as will be experimentally verified later on in subsection 6.2.4. The
equations are elaborated here for an EVT without battery storage. Also the effect
of power take-off (PTO) on the power flow within the machine is shown. The gen-
eral power reference directions of this dissertation, as shown in Fig. 1.4 are used.











from ICE to final drive
Figure 6.10: Power paths and sign conventions, in correspondence with the sign rules of
this dissertation.
In the case of an HEV, the inner rotor of the EVT is usually connected to the
ICE, while the outer rotor is connected to the final drive, as is shown in Fig. 6.10.
Since no storage is present, the input power −Pm,r1 from the ICE needs to exactly
match the sum of the output power Pm,r2 to the wheels, the power take-off Ppto
and the losses in the EVT system:











− Tr1Ωr1 = Tr2Ωr2 + Ppto + Ploss (6.6)
In this subsection, the losses will first be neglected, in order to explain the different
power flows. The inner rotor electromagnetic torque Tr1 can thus be controlled, to
result in the desired dc-bus power Ppto, at given speed of the inner rotor. As now
the dc-bus power is an input variable, this torque component is not an independent
variable any more. The remaining independent variables are the outer rotor torque
Tr2 and speedNr2, and the inner rotor speedNr1. To this end, the inner rotor torque
will be eliminated from the power flow equations. In (1.6) and (1.7), it was shown
that the electrical powers Pel,s to the stator, and Pel,r1 to the inner rotor could be
written as: {
Pel,s = −TsΩr2 = (Tr2 + Tr1) Ωr2
Pel,r1 = −Tr1 (Ωr2 − Ωr1)
(6.7)
If in these equations, the electromagnetic inner rotor torque Tr1 is substituted using














in which −Pel,r1 is the electrical power from the inner rotor to the dc-bus, and
Pel,s the electrical power from the dc-bus to the stator. As can be seen in (6.8), the
electrical power flowing through the inverters is the superposition of two terms.
These powers, referred to the output mechanical power Pm,r2 and power take-off
Ppto respectively, are shown in Fig. 6.11a and Fig. 6.11b.
As shown in Fig. 6.11a only part of the mechanical power converted by the
EVT is converted in an electrical way, depending on the speed difference between
both rotors. The remaining part of the power is converted in an electromagnetic
way denoted by Pf,r1 in Fig. 6.10 due to electromagnetic torque between both
rotors rotating at different speed. This way the rated inverter power can be a
fraction of the rated mechanical power of the machine. Note that the mechanical
power Pm,r2 at zero speed Ωr2 is zero as well in Fig. 6.11a so that the absolute
value of the electrical power will reach a maximum in Ωr1 ∈ [0,Ωr2]. This will
be illustrated in subsection 6.2.4 where the experimentally measured power flows
are shown. As for the PTO, both inverters need to be able to convert the full PTO
power as can be seen in Fig. 6.11b. At low outer rotor speed, PTO is performed by
the inverter connected to the inner rotor, while at higher outer rotor speeds, more
and more power is converted by the inverter connected to the stator. Negative
signs have been used for the electrical power, since this corresponds to electrical
power to the dc-bus. The power relations of Fig. 6.11 can be superimposed to




























(b) Pm,r2 = 0
Figure 6.11: Power converted by inverters connected to stator and inner rotor due to (a)
mechanical power at output and (b) due to power take-off.
of PTO the inner rotor electrical power increases according to (6.8), while the
stator electrical power decreases since both power terms in (6.8) partially cancel
out. Note that this argumentation is only valid for Ωr2 ∈ [0,Ωr1]. At negative
(Ωr2 < 0) and supersynchronous (Ωr2 > Ωr1) speeds, circulating power terms are





















(b) Pm,r2 = 0
Figure 6.12: Electromagnetic torque produced by stator and inner rotor windings due to
(a) torque to outer rotor shaft and (b) due to power take-off.
In practice, the torque on both rotors of the EVT is controlled, rather than the
power flow that is a result of torque and speed. At given speeds of both rotors, the










outer rotor torque is the result of the electromagnetic torque contributions related
to stator Ts and inner rotor Tr1 as was given in (1.2). The inner rotor torque Tr1
loads the ICE, and determines the mechanical input power to the EVT. As was
already shown, this torque cannot be chosen independently, but is controlled by a
dc-bus controller (see later) so that at any time the power balance (6.5) is fulfilled.
The stator torque Ts is added to the inner rotor torque Tr1 to result in the desired
outer rotor torque Tr2, as was given in (1.2). The torque relations are graphically
given in Fig. 6.12. In Fig. 6.12a, the torque on inner rotor and stator, resulting from
a torque demand on the outer rotor, are given. In Fig. 6.12b the effect of PTO is
shown. Both figures can be superimposed to know the resulting torque on stator
and inner rotor if losses are neglected.
6.2.2 Practical Implementation
In practice, if the battery is removed, a dc-bus capacitor needs to be added in or-
der to account for small differences in input and output power. This capacitor is
included in Fig. 6.9. The torque set points for outer and inner rotor (or equivalent
stator and inner rotor) can still be applied to the EVT, by controlling all five current
components as shown in chapter 4. The outer rotor torque Tr2 can be chosen inde-
pendently, depending on the requirements of the application. The outer rotor speed
Nr2 is then the result of this torque being applied to a load. This torque and speed,
will result in a certain mechanical power Pm,r2 to the load. In addition, a certain
power Ppto can be withdrawn from the dc-bus by additional devices. Finally, also
losses are present in the EVT and the inverters, as described in chapter 5. All these
power flows will result in the dc-bus capacitor being discharged. In order for the
dc-bus to maintain its voltage level, the dc-bus capacitor needs, at the same mo-
ment, to be charged as well. This can be done a by decreasing (i.e. making more
negative) the inner rotor torque Tr1, at given speed of the inner rotor, using a PI
dc-bus voltage controller. This will result in mechanical power to enter the EVT
system. A possible control algorithm is shown in Fig. 6.13. The dc-bus voltage
Vdc is measured, and compared to its set value, using a PI controller. The differ-
ence between the square4 of the measured and set value of the dc-bus voltage will
result in a certain energy needed to restore the set value dc-bus voltage. Therefore,
a certain power at the input (inner rotor shaft) of the EVT is required. This power
is divided by the measured inner rotor speed Nr1, to result in the required inner
rotor torque. Note that the latter speed can be controlled by the prime mover at the
inner rotor shaft. Finally, from the set values of inner and outer rotor torque, the
required stator torque can be calculated as well. This inner rotor and stator torque
is then translated to set values for the five current components of the EVT, as is
described into detail in chapter 4. These currents are applied to the machine using
the inverters, and PI current controllers.
4The square is being used, since this is proportional to the energy 1
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Figure 6.13: Inner rotor and dc-bus controller for an EVT with dc-bus capacitor, used as
shaft-to-shaft CVT.
For the measurements however, the dc-bus of the inverters is linked to a dc
power supply, meaning that the dc-bus voltage is fixed, or can not be changed with
sufficient bandwidth. To this end, for the measurements, the control algorithm of
Fig. 6.14 is used. The measured power to the dc-bus (Ppto) is compared to its
set-value, and used as input for a PI controller. The dc-bus power is measured by
sampling the current to the dc-bus, and multiplying with the dc-bus voltage value,














Figure 6.14: Controller used for measurements.
6.2.3 Efficiency Measurement and Loss Separation
In this subsection, efficiency measurements on the demonstrator EVT, used as
shaft-to-shaft CVT, are shown and discussed. Also, the different loss contributions
are given, calculated using the loss separation technique of the previous chapter 5.
For the experiments, induction machines where used to control the speed Nr1 and
Nr2 of inner and outer rotor shaft. The outer rotor torque Tr2 can be chosen in-
dependently, resulting in a desired mechanical power Pm,r2 to the load. The inner
rotor torque Tr1 on the other hand needs to be chosen as such that the input power
from the ICE Pm,r1 equals the output mechanical power Pm,r2, the power take-off
Ppto and the losses Ploss within inverters and EVT according to (6.5). This is done










of both inverters, as was shown in Fig. 6.14.
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(a) Nr1 = 1500 rpm
0 500 1000 1500 2000 2500 3000














22 42 61 71 78 82 85 87 88 88 87 86 85
28 50 67 76 82 85 88 90 90 89 89 88 86
31 53 70 79 84 87 89 91 91 90 89













(b) Nr1 = 2000 rpm
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(c) Nr1 = 3000 rpm
Figure 6.15: Measured shaft to shaft efficiency at given input speed Nr1, Ppto = 0W.
Background color map represents simulation results.
The results off the efficiency measurements are shown in Fig. 6.15 for an input
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values. The torque values are limited by the torque sensors of 100 Nm on both
shafts. The efficiencies are compared, later on in subsection 6.2.5, to a belt and
toroidal mechanical CVT. As can be seen in the figures, the efficiency reaches
a maximum if both rotors rotate at almost the same speed. The reason is that
at synchronous rotation and just before, the inverter loss, stator copper loss, the
inner rotor iron loss and the friction losses of the bearings supporting the relative
motion of the rotors reach a minimum. This will be shown in this subsection, where
the different loss components are described into detail. Added to these figures
are the predicted efficiencies from the loss models developed in chapter 5. High
efficiencies up to 94% have been measured.
























Figure 6.16: Measured total and EVT machine losses at Tr2 = 50 Nm. Theoretical loss
decomposition is shown as well. Input speed Nr1 = 2000 rpm, Ppto = 0W.
The result of a detailed analysis regarding the main loss components according
to this technique, for an EVT used as CVT, is shown in Fig. 6.16 and Fig. 6.17.
These figures show the total measured power loss Pmeas,total , in the EVT and
including the inverters, in red, and the measured power losses Pmeas,EVT, within
the EVT machine, in blue for two given operating points of outer rotor torque Tr2
and inner rotor speed Nr1. Also the theoretical loss decomposition is shown. The
total measured power loss Pmeas,total is to be compared with the sum of all loss
contributions. The measurement is the difference between mechanical power mea-
surement at inner rotor and outer rotor shaft, and is in good accordance with the
theoretically expected loss. The measured EVT loss Pmeas,EVT is the measured
loss without inverters. This was possible by measuring the inner rotor and stator
electrical power as well using a power analyzer. As was already concluded from
the efficiency measurements shown in Fig. 6.15, the power losses reach a minimum
near synchronous rotation of both rotors. Note that the inverter losses are substan-

































Figure 6.17: Measured total and EVT machine losses at Tr2 = 90 Nm. Theoretical loss
decomposition is shown as well. Input speed Nr1 = 3000 rpm, Ppto = 0W.
shown. Depending on the desired torque and desired ratio spread, other inverters
can be chosen.
6.2.4 Measured Power Flow
Finally, in order to support the theoretical derivation in subsection 6.2.1, the cor-
responding electrical and mechanical power flows in the machine are given in
Fig. 6.18.
The figures show, as theoretically expected in Fig. 6.11, that only part of the
power is transmitted in an electrical way if the outer rotor speed Nr2 is lower than
the inner rotor speedNr1. The evolution of the electrical power as function of speed
is a quadratic function. Indeed, the mechanical power increases linearly, and the
electrical power is a linear function of the mechanical power as shown in Fig. 6.11.
Note that the difference between the input mechanical power −Pm,r1 and output
mechanical power Pm,r2 equals the sum of all loss components in the machine and
inverters. The difference between negative inner rotor electrical power−Pel,r1, and
the stator electrical power Pel,s, equals the inverter loss.
6.2.5 EVT Compared to Mechanical Equivalent
In order to situate the EVT performance with respect to other transmission systems,
the machine is compared against measured mechanical shaft-to-shaft CVT data
in literature. In this dissertation a comparison is made by comparing measured
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(a) Nr1 = 2000 rpm.
















(b) Nr1 = 3000 rpm.
Figure 6.18: Measured and predicted power flow at Tr2 = 90 Nm and given input speed
Nr1.
measured EVT data from this paper having comparable system ratings and system
volume. The half toroidal CVTs in [96] and [97] have a comparable maximum
output torque as the EVT in the order of 350 Nm and 430 Nm respectively. For the
belt CVT in [98], torque ratings up to 200 Nm are reported only.
Steady-State Efficiency
The measurements in [96–98] have some operating points in common to those
used to obtain the steady-state efficiency measurements in this dissertation. Both
data are shown in Fig. 6.19 and Fig. 6.20 for the half-toroidal and push-belt CVT
respectively, together with measurement data from the EVT. The efficiencies are
plotted as function of the input torque Tr1 for different gear ratios rg = Nr2Nr1 . Note
that these were the shaft-to-shaft efficiencies for which both machine and inverter
losses are taken into account. As can be seen in Fig. 6.19, the toroidal and EVT










ever, it has to be noted that for the toroidal CVT measurements, only the variator
losses are taken into account. This does not include losses for applying a clamp-
ing force on the variator and/or changing the tilting angle of the power rollers.
Also, the power loss in an additional planetary gear set - required to have the same
IVT-functionality as an EVT - is not accounted for. On the other hand, the EVT
measurements were performed at low temperature (liquid cooling temperature of
about 15oC). At higher temperatures, the copper losses will slightly increase.
The pump losses are taken into account when comparing the push-belt efficien-
cies with the corresponding EVT efficiencies in Fig. 6.20, as are the variator torque
and slip losses and the final reduction gear loss. As can be seen in this figure, the
EVT has higher steady-state efficiencies in the operating points shown. The varia-
tion in the push-belt efficiency measurement is due to the slip control. The lower
limit represents the standard slip control used in a commercial belt CVT, while for
the upper efficiency limit the slip control has been further optimized.
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Nr1 = 1500 rpm
Nr1 = 2000 rpm
Figure 6.19: Measured part load steady-state efficiency comparison between EVT and
half-toroidal CVT from [97] at input speed Nr1 = 1500 rpm and [96] at
input speed Nr1 = 2000 rpm. Different gear ratios rg are considered. Note
that for the half-toroidal CVT no hydraulic pump losses were taken into ac-
count.
Gear Ratio
As stated before, the gear ratio rg of the mechanical CVT systems is geometrically
limited. This way, standstill of the outer rotor is not possible at rotating inner rotor,
nor is reversing of the outer rotor with respect to the inner rotor. This consequently
results in the need for a torque converter or clutch with reversing unit or a planetary
gear set. For the EVT in this dissertation, the gear ratio lower limit is negative,
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Figure 6.20: Measured part load steady-state efficiency comparison between EVT at input
speed Nr1 = 3000 rpm and push-belt CVT from [98] at input speed Nr1 =
2865 rpm.
negative gear ratios (rg < 0) and oversynchronous rotations (rg > 1) will result in

















Figure 6.21: Measured and predicted power flow at at Tr2 = −30 Nm and input speed
Nr1 = 1000rpm.
Power flow in oversynchronous operation was shown in Fig. 6.18a where the
input speed Nr1 = 2000 rpm, while the output speed was increased untill Nr2 =
3000 rpm. It was noted in the figure that the converted electrical power increases
quadratically with the output speed. A similar figure is shown here in Fig. 6.21 for
reversing operation. The converted electrical power increases again quadratically
and beyond the converted mechanical power. Consequently, the oversynchronous
and reversing regions are limited in power. This is particularly caused by the choice










stator and inner rotor, as was shown in Fig. 6.12. In practice, reversing or standstill
will only use low powers.
Overload Protection and Overload Capability
Finally, the EVT has the advantage that no mechanical connection exists between
input and output shaft. This means that an inherent overload protection between
both shafts exists eliminating the need for a torque fuse. Also vibrations between
both shafts could be damped. The other way around, the EVT can also produce an
overload torque which is thermally limited in time, as can also be seen in Table 1.1.
This feature, which can be used for short (but hard) accelerations, is an advantage
compared to mechanical transmissions for which the rated torque is equal to the
maximum torque and is limited by the maximum allowable clamping force [92].
6.3 Conclusion
In this chapter, two applications are considered. First, the EVT has been tested
over the NEDC cycle. The input and output torque were chosen to be equal to the
torques and speeds applied to the 2004 Toyota Prius transmission, being tested over
the same cycle. Over the low power NEDC, the EVT fictitious battery showed a
positive change in energy ∆E at the end of the cycle, from which it was concluded
that the system is at least as efficient as the 2004 Toyota Prius system. The words
’at least’ are being used, because no real battery was involved during the EVT
experiments, and a small mismatch between reference and measured torque was
seen.
In the second section of this chapter, it has been shown that an EVT can be
used as continuously variable transmission with electrical power take-off (PTO).
The input power is split into an electromagnetic and an electrical path. Without
PTO, the fraction of the total power converted electrically, is ideally a linear func-
tion of the outer rotor speed, decreasing towards synchronization of both rotors.
Measurements show that the EVT has comparable efficiencies as the toroidal CVT.
Compared to the belt CVT, the EVT shows an efficiency which is more than 10
percentage point higher over the entire measurement region. The EVT has the ad-
ditional advantage that no additional clutch or torque converter is required. More-
over, it has inherent overload protection, fast dynamics and high overload capa-
bility. Therefore, if the production cost could be made sufficiently low, the EVT












In this chapter, the most important conclusions of this PhD are listed. Also some
recommendations and ideas for further research are given.
7.1 Conclusion
An EVT is an electromagnetic power split transmission. The mechanical input
power is hereby transferred to the output shaft by means of two variable paths.
Depending on the speed and torque on both rotors, part of the power is transferred
in an electromagnetic way. This is the result of electromagnetic torque between
both rotors, which can be rotating at different speeds. Depending on this speed
difference, the remaining part of the power is transferred in an electrical way using
two inverters which are connected back-to-back. Besides the two mechanical ports
(shafts), also an electrical port is present by means of a dc-bus. This electrical port
can be connected to a storage device (mostly a battery), or it can be used to power
additional equipment of a drive train (power take-off).
With respect to the state-of-the-art, as classified in chapter 2, the EVT transfers
power in a contact-less way, by means of one compact device. This results in
inherent overload protection, low maintenance and high efficiency. Also, inherent
to electrical drives, high controllability and fast dynamics can be expected. This
dissertation mainly tackled two of these aspects, i.e. efficiency and control.
In order to predict the machine behavior, mathematical tools were developed in
chapter 3. The electromagnetic models are based on the classical machine theory
for electrical machines, and provide the relationship between voltage, current and
flux linkage with respect to each of the five equivalent windings within an EVT
with hybrid excitation. The resulting system is a non-linear state-space system
with dimension five. The non-linearity is within the flux to current relations, which









266 Concluding Remarks and Further Research
on the outer rotor, it is impossible to model this machine based on constant induc-
tances. To this end, it is proposed to use look-up tables, providing the flux linkage
with all windings, based on the five current components. The look-up tables are
calculated using FEM. Both the current to flux relations, and the dynamical model
are experimentally verified on a prototype machine, and show a good agreement
with the models. Also the current to electromagnetic torque characteristics on both
rotors are modeled using different techniques. Based on comparison between the
techniques, and based on experimental verification, it is concluded that the torque
on both rotors can be analytically calculated based on the current to flux look-up
tables.
In chapter 4, the selection of an optimal set of currents is tackled for a given
torque requirement on both rotors of the EVT. In the most basic control algorithm,
only copper losses are considered, and the stator and inner rotor are considered
decoupled. It is shown that two local optima are present in the d-axis current
space, for a given stator torque. These are called the low and high flux optima
in this dissertation, and correspond to a load angle between stator current vector
and the permanent magnet flux vector of about 120◦ and 78◦ respectively. This
basic control algorithm has been improved however, using the magnetic coupling
between both rotors. In the high flux region, stator currents magnetize the inner
rotor, resulting in lower inner rotor currents for the same inner rotor torque. In
the low flux region on the other hand, the inner rotor d-axis current can be used
to magnetize the stator, supporting the dc-field current. Also, it has been shown
that at high speeds (> 3000 rpm for the prototype machine), the location of both
local optima changes due to iron losses. It has finally been shown that taking
the temperature into account in the optimization procedure, cannot significantly
increase the machine efficiency.
This machine efficiency is the subject of chapter 5. In the chapter, the dif-
ferent loss components in an EVT are considered. These consist, besides copper
and iron losses, also of mechanical friction losses (bearings and sliprings). Also
other electromagnetic loss contributions, such as magnet losses and PWM induced
iron losses are considered. The latter are shown to increase the machine losses
significantly, especially at high dc-bus voltage. In order to predict and separate
the different loss contributions, a method has been proposed based on a series of
no-load measurements. From these measurements, some parameters can be ex-
tracted, to be used in a fast but accurate loss model, developed in the chapter. To
conclude the chapter, different efficiency maps have been calculated and measured.
The efficiency measurements show power split efficiencies over 95% in the a large
area of operating points. This high efficiency means that the absolute value of the
losses are small, and the EVT could be a potentially very interesting power split
transmission device for various applications.
Two of these applications are the subject of the final chapter 6. Although the
focus in this dissertation is on the component level, this latter chapter has been
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Also, it is shown how the tools developed in chapters 3 - 5 can be used to predict
the behavior of the machine. Both the use of an EVT in a hybrid electrical vehicle,
and the use of an EVT as replacement for a mechanical belt or toroidal CVT have
been considered. For both applications, it is shown that the EVT outperforms its
electromechanical or mechanical counterpart concerning efficiency, controllability
or both.
7.2 Recommendations for Further Research
This research tackled the electromagnetic aspects on the component level for
an EVT with hybrid excitation. Although the modeling techniques and control
algorithms can be applied to a general EVT with hybrid excitation, all simulations
and measurements are based on one specific prototype machine. At the lab,
research is started on the use of scalable models. The flux data, optimal control,
and loss identification of this dissertation is projected on other EVT topologies
as well, using fundamental scaling laws. These scaling laws are applicable for
radial and axial scaling of the current topology. They are validated on scalable
magnetic equivalent circuit models, and on scalable FEM models which are
constructed during this PhD research as well. These models should and will
lead to a design tool for EVT, which outputs the optimal geometry for a given
application. Possibly, also other outer rotor topologies can be considered.
However, the most important recommendation for the EVT research at the lab,
is the development of thermal models. These are necessary for three main reasons.
First, they determine the torque and power limits of the current prototype EVT.
Based on measurements on the machine, these limits are approximately known,
but could possibly be even higher. Second, the thermal model should be coupled to
the optimal current selection of chapter 4. In the chapter, it was already highlighted
that the maximum power dissipation in the different EVT components, poses a
constraint to the optimization problem. Possibly, the most efficient operating point
of currents for a given torque demand on both rotors, is not thermally feasible.
In the high flux region for instance, the outer rotor dc-field winding is thermally
heavily loaded. Although this is the global optimum for certain operating points, it
might be better to switch to the low flux optimum, or even another set of currents.
Without a fast thermal model, this is not possible. Finally, knowing the thermal
limits of the machine is a necessary tool for the design of new EVT topologies for
given applications.
During this dissertation, it has been shown that the flux linkage with the stator
is mainly a function of the dc-field current and stator d-axis current. Three regions
are distinguished, i.e. the high flux, low flux and magnetic linear region. In the
high and low flux regions, the stator d-axis inductance (derivative of the stator
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region. To this end, it might be an idea to apply an adaptive PI controller, changing
its parameters with the operating point of currents. This might decrease the current
ripple in the d-axis currents, and possibly also the PWM induced iron losses.
Considering the latter, it might be interesting to investigate the use of a dc-dc
converter between battery and the dc-bus of the EVT, since it has been shown in
this dissertation that the dc-bus voltage has a significant effect on the losses in the
EVT, especially in low load condition.
In this dissertation, the EVT has mainly been considered as power split trans-
mission for automotive applications. Although this is the the most straightforward
application for this machine, also other applications are possible. In fact, any in
application were mechanical power at a given torque and speed is to be converted
to mechanical power at a different torque and speed, an EVT could possibly be
interesting. Additionally, part of this power can be converted to electrical power,
which can be stored in a battery, connected to an electrical grid, or used to power
additional equipment. One possible example is its use in agricultural machines.
These machines, such as combines, forage harvesters, potato harvesters, often have
a diesel engine powering not only the wheels, but also many additional equipment
such as conveyor belts, fans and pumps. Power is often transferred using belts and
chains, as well as by means of hydraulic motors and pumps. A more efficient way
might be to connect the diesel engine to the outer rotor of an EVT. Part of the power
can then directly be transferred to the inner rotor in a contact-less and continuously
variable way, without being converted by the inverters. Other equipment can then
be powered by the dc-bus of the EVT in an electrical way. A first advantage is that
the combustion engine can be driven in a more efficient operating point. A second





























The mechanical planetary gear is used in many power split transmissions to split
the input power from a prime mover (output coupled system) or to combine two
different power flows into one output mechanical power (input coupled system).
Such a gear is composed of several planet gears revolving around a central sun
gear and surrounded by an outer ring gear. A schematic of a planetary gear is
shown in figure A.1. With respect to the parallel axis gears, it has a high power
density, large gear reduction in a small volume, multiple kinematic combinations,
pure torsional reactions and coaxial shafting [99]. The disadvantages mentioned












Figure A.1: Planetary gear with three planets revolving around a sun gear and surrounded
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Kinematic Relationships
In order for the gears to mesh, the radii of the gears meet the relationship:
rR = rS + 2rP (A.1)
which can be seen by looking at Fig. A.1. When the sun gear is considered
relative to the rotating planet carrier, the gears behave as normal parallel axis gears.
When the gears mesh, their linear speed is equal:
rS(ΩS − ΩC) = −rPΩP (A.2)
The same is true for the ring gear relative to the planet carrier:
rR(ΩR − ΩC) = rPΩP (A.3)
Combining both equations yields the so called Willis relation for planetary
gears, as was also given in [99]:







The torque distribution between the three shafts can be calculated considering
Newton’s second law applied to the free body diagrams of figure A.2. Fij is hereby




C finally are the external torque deliv-
ered on the sun, ring and carrier respectively. Note that in this approach the losses
in the gear set are ignored. Also, the gears are assumed to be rigid bodies.




















C + 3rC (FPR + FPS)
(A.6)
Ji is the equivalent inertia of body i and accounts for the inertia of the consid-
ered gear together with the inertia of the body connected to it. mp on the other hand
is the mass of one planet gear. In this system, the internal forces FPR = −FRP and
FPS = −FSP can be eliminated yielding 4 − 2 = 2 equations. Furthermore, ΩP
can be substituted using (A.2). If the two remaining equations are combined with
the derivative of the Willis equation (A.4), the time derivatives of the rotational














































































if the external torques are known. The system can be solved using a state space
model approach. In steady state all time derivatives become zero. The system of
equations then yields: {











In steady-state, there is thus a fixed ratio between the torque on the three shafts,
independent of the speed.
Powerflow
In many gearing systems, a mechanical planetary gear is used as power split device.
In steady-state and when ignoring the losses in the gear set, the mechanical power





















where PS, PR and PC are the mechanical power to the sun, ring or carrier. In reality
however, some power loss will be present. These can for instance originate from
friction losses in the bearings, friction losses between the meshing teeth or can be











A magnetic gear has the same functionality as its mechanical counterpart, but
converts the power from input to output without mechanical contact. The torque
is hereby transmitted in a magnetic way. The idea of a magnetic gear is not
new. Already in the early 20th century research was conducted on magnetic
gears as can be seen from some patents from that time [100]. In [101] for
instance the (electro)magnetic equivalent of a spur gear was filed as patent in 1901
claiming a noiseless, efficient and easily controlled power transfer. Also other
patents or publications can be found describing for instance a magnetic planetary
gear [102, 103], a magnetic spur gear [104] and a magnetic worm gear [105–107].
The torque densities of the previously mentioned designs however, calculated
in [108], seem to be rather low. One of the reason is that at the time only ferrite
magnets were available, having inferior characteristics compared to NdFeB mag-
nets which originated in the 1980s only. Another reason that was mentioned is the
weak utilization of the permanent magnets. A key paper [109] however describes
a magnetic gear using NdFeB magnets and with a much higher utilization of the
permanent magnets, i.e. multiple magnetic poles are ’engaged’ at the same time.
This gear consists of two permanent magnet rotors with a segmented pole-piece
rotor in between as shown in Fig. B.1. When one of the rotors is fixed, this
device behaves as a conventional gear. When all rotors can rotate, the device is
the magnetic counter part of the mechanical planetary gear. The authors of [109]
claim that this kind of magnetic gear can achieve torque densities in excess of
100kNm/m3 based on active volume, which is comparable to their mechanical
counterparts according to [110]. This practical number is however not always
achieved. In [108] for instance, a measured torque density of only 55kNm/m3 is
reported due to the effect of the short axial length (end effects). In [111] a torque
density of 70kNm/m3 is mentioned. Additionally, in practice, the maximum
torque will never be reached because of stability issues (if the load torque exceeds















Figure B.1: Schematic of a magnetic planetary gear.
The main benefits of a magnetic gear originate from the fact that there is no
mechanical connection between the input and output shafts. This eliminates wear
of gear teeth inherent to mechanical gears. Consequently no lubrication is required,
which could reduce the maintenance requirements. Also, it is claimed that the lack
of mechanical contacts results in high efficiency. In [108] the losses are examined
for a 27Nm magnetic gear, which consist of iron losses, bearing losses and eddy
current losses in the magnets. A maximum efficiency of 96% was predicted for
the design. In reality however, the measured maximum efficiency was 81%, a
result of the poor mechanical design. In [61] however very high efficiencies up
to 97% were measured for a motor integrated magnetic gear and up to 94% for
a cycloid permanent magnet gear in [112]. Despite these high efficiencies under
load, the no-load losses of a magnetic gear could be high due to the eddy currents
in the magnets and modulating ring. Another aspect of a magnetic gear is that
the physical isolation between input and output shafts reduces the transmission of
noise and vibrations between both shafts, and leads to inherent overload protection.
When subjected to overload, the gear will slip, but will not break. In [110] some
simulation and experimental results are shown in which pole slipping occurs when
the output shaft is subjected to a load torque demand beyond the capability of the
magnetic gear. In the paper, the forthcoming oscillations in the input speed are
used to detect this overload condition. A disadvantage of a magnetic gear is that a
pole slipping regime can also establish at lower load torques, for instance caused
by an excess control torque resulting from too aggressive speed control. To recover
from this regime, the input speed command is held at zero for a short time before










literature is the non-linear torque transfer characteristic [110]. As will be shown in
subsection B the torque transmitted between the rotors is proportional to the sine
of an equivalent load angle Θe. This means that the gear behaves as a non-linear
electromagnetic spring. When the speed of the input rotor is suddenly increased,
the output will lag behind and show underdamped response. Consequently, for
dynamically demanding applications with accurate speed or position control, the
use of a magnetic gear could be challenging.
Operating Principle
Fig. B.1 shows the schematic of a magnetic planetary gear. The gear consists of a
low-pole-number rotor with pl pole pairs, a segment rotor with ns ferromagnetic
pole-pieces and a high-pole-number rotor with ph pole pairs. Both the high- and
low-pole-number rotors consist of permanent magnets as can be seen in the figure.
The segment rotor consists of ferromagnetic pole-pieces with low permeability
material in between. In the figure, pl = 4, ns = 26 and ph = 22. The operating
principle is based on the modulation of the magnetic fields in both air gaps due
to the segment rotor in between. The low-pole-number magnetic field shows pl
minima and maxima in the inner air gap. The same magnetic field, but observed
from the outer air gap, has a dominant harmonic with ns− pl minima and maxima,
which is equal to the number of pole pairs ph of the high-pole-number rotor:
ns = pl + ph (B.1)
Due to magnetic torque interaction, both the modulated low-pole-number mag-
netic field and the high-pole-number magnetic field will have the same speed in the
outer air gap in steady-state. They will however be shifted in phase by a load angle
Θe which depends on the torque transmitted by the gear. It is shown in the next
subsection that in steady-state a magnetic equivalent of the Willis equation (A.4)
holds true:
phΩh + plΩl − nsΩs = 0 (B.2)
with Ωi, i ∈ {l, h, s} the rotational speed of the low-pole-number, high-pole-
number and segment rotor respectively.
Also, the magnetic torques on the rotors are related to each other according to:{
Tl,m = − plnsTs,m
Th,m = −phnsTs,m
(B.3)
with Ts,m the magnetic torque on the segment rotor:









278 Magnetic Planetary Gear
Tg is the pull-out torque, or the maximum torque that can be transmitted by the
magnetic gear. Θe = nsΘs−plΘl−phΘh is the load angle between both magnetic
fields in the outer or inner air gap.




dt = Tl −
pl
ns
Tg sin(nsΘs − plΘl − phΘh)
Jh
dΩh
dt = Th −
ph
ns
Tg sin(nsΘs − plΘl − phΘh)
Js
dΩs
dt = Ts − Tg sin(nsΘs − plΘl − phΘh)
(B.5)
Where Ji, i ∈ {l, h, s} is the inertia of the considered rotor, while Ti, i ∈
{l, h, s} is the external torque on that rotor.
For the interested reader, the relations described above are mathematically ex-
plained in the next subsection based on a Fourier-series of the magnetic field in
both air gaps.
Mathematical Explanation
The magnetic field produced by the low-pole-number rotor in the inner air gap




Bl,j cos [jpl(Θ−Θl)] (B.6)
where Θ is the mechanical angle in the inner air gap, and Θl the mechanical posi-
tion of the low-pole-number rotor. The derivative of this position equals the rota-
tional speed Ωl = dΘldt of the low-pole-number rotor. In the same way, the magnetic
field produced by the high-pole-number rotor in the outer air gap contains harmon-




Bh,j cos [jph(Θ−Θh)] (B.7)
The segment rotor, which is located in between both air gaps, modulates the mag-
netic field produced by both rotors. The modulating effect of this rotor can analyti-
cally be expressed by means of a permeance function P, of which the fundamental
period is related to the number of pole-pieces ns:
P(Θ, t) = P0 +
∞∑
k=1
Pk cos [kns(Θ−Θs)] (B.8)
where Ωs = dΘsdt is the rotational speed of the segment rotor. The effect of the
modulating segment rotor on the low-pole-number magnetic field can be seen by


































which represents the modulated low-pole-number magnetic field observed in the
outer air gap (adjacent to the high-pole-number rotor). This magnetic field has,
next to the original harmonics of the low-pole-number magnetic field in the in-
ner air gap, also harmonics of order |kns − jpl| with k ∈ {1, 2, 3, ...} and j ∈
{...,−2,−1, 1, 2, ...}. Fig. B.2 shows how the low-pole-number magnetic field
from (B.6) is modulated due the effect of the pole-piece rotor. As can be seen,
next to the original harmonics of the magnetic field, also harmonics with order
|kns − jpl| are present. In Fig. B.3, the corresponding spectrum of the modulated
















Figure B.2: Low-pole-number radial flux density observed in the inner and outer rotor air
gap. Figure modified from [109].
The number of pole pairs of the high-pole-number rotor is chosen as such to
interact with the magnetic field corresponding to j = 1 and k = 1, which corre-
sponds to the harmonic with highest amplitude in the second term of (B.9) as can











































Figure B.3: Space harmonic spectrum of the radial flux density due to the low-pole-
number rotor in the outer air gap. Figure modified from [109].
ns = pl + ph (B.11)
This equation is the magnetic equivalent of (A.1). Furthermore, in steady-state, the
modulated low-pole-number magnetic field will have a fixed position with respect










phΩh + plΩl − nsΩs = 0 (B.13)
which is the magnetic equivalent of the Willis-equation (A.4). This equations
holds true as long as the torque on the rotors does not exceed a certain maximum
pull-out torque. Depending on the torque on the shafts of the magnetic gear,
a load angle between the high-pole-number magnetic field and the modulated
low-pole-number magnetic field will occur. Its value will be such that it indeed
keeps both magnetic fields at the same speed in steady-state.
The torque on the rotors originates from the electromagnetic interaction be-
tween the high-pole-number magnetic field and the modulated low-pole-number
magnetic field. If torque is applied to the rotors, the fields will be phase-shifted in
space over a certain load angle. It will be shown in section 3.5 that the torque is
proportional to the sine of this load angle. From (B.7) and (B.9) for j = k = 1, the
load angle or phase shift between both fields in the outer air gap equals:
θe = phΘe = nsΘs − plΘl − phΘh (B.14)










Ts,m = Tg sin(θe) (B.15)
with Tg the pull-out torque. Furthermore it is known from Newtons third law that:
Tl,m + Th,m + Ts,m = 0 (B.16)
and from conservation of energy (losses are ignored) that:
Tl,mΩl + Th,mΩh + Ts,mΩs = 0 (B.17)
with Tl,m and Th,m are the magnetic torque on the low-pole-number rotor and high-
pole-number rotor respectively.
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